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A B S T R A C T   

Metallic sandwich structures with pyramidal cellular cores have proven to be highly effective in the industry of 
advanced lightweight materials thanks to their high strength-to-weight ratios. This paper presents the investi-
gation of the bending performance of a sandwich structure based on a novel pyramidal cellular core. The 
effective bending and shear stiffness are investigated using numerical and experimental approaches. Further-
more, the finite element model created for the four-point bending scenario is in good agreement with the 
experimental one and can be subsequently used for further product development. This represents a cost-efficient 
method used for structural optimisation and may lead to improved mechanical properties and higher lightweight 
capabilities. The study includes a comparison to other existing periodic core topologies which shows that the 
investigated pyramidal structure has high potential to be used for the construction of sandwich panel assemblies.   

1. Introduction 

The efforts exerted in reducing toxic emissions and greenhouse gases 
have significantly influenced the research and development of advanced 
lightweight structures. The motivation behind the extensive research 
conducted up to the present is the need to comply with the strict envi-
ronmental regulations adopted all over the world considering fuel 
economy [1,2]. In this regard, sandwich panels have become an 
attractive solution within the aerospace, naval and automotive in-
dustries where high stiffness and strength-to-weight ratios are required 
[3–5]. In addition, they provide a wide range of multifunctional be-
haviours, offering a very good absorption of impact energy as well as an 
efficient control of acoustic noise and vibrations [6–9]. 

The out-of-plane mechanical properties of sandwich assemblies have 
been extensively studied in the past years in order to design geometries 
which can be subjected to complex loading scenarios. Stochastic cellular 
structures represent a popular alternative to heavy monolithic con-
structions. Their bending performances have been successfully 
improved by embedding different reinforcing elements into the foam 
core (resin columns, ribs from composite materials, corrugated cores 
etc.). Despite this, the most common problem of these sandwich struc-
tures remains the bonding of the components [10–12]. 

Closed cell cores also represent a good option for increasing flexural 
properties of sandwich assemblies. Arbaoui et al. [13] has analysed the 
performance of a honeycomb-based sandwich panel and has proven that 

a multi-layer configuration is effective in increasing the flexural per-
formances of sandwich panels. Yuan Shi et al. [14] has developed a 
closed cell composite sandwich panel manufactured through a liquid 
silicon infiltration process, with excellent bending stiffness and strength 
at significantly low densities. Nonetheless, a major drawback is repre-
sented by the complex manufacturing process which translates in high 
overall costs. 

Sandwich structures with open cell cores have been gaining popu-
larity among the lightweight core solutions due to their topological 
versatility. There are also some disadvantages for such low-density 
structures represented occurrence of node fracture during die forming 
which can significantly reduce the overall mechanical properties 
[16–18]. Lu Zhang et al. [15] has designed a ceramic composite pyra-
midal core with excellent lightweight properties and high flexural per-
formance obtained through precursor infiltration pyrolysis (PIP). An 
important shortcoming of this core is represented by the poor quality of 
the bond between the face sheets and core which failed during loading 
for all the investigated configurations. 

In this regard, the authors propose a new metallic pyramidal core for 
the construction of sandwich panels. Obtained through a sheet metal 
deformation process, the corrugated structure has the advantage of 
reducing the material loss during manufacturing while providing a high 
adhesion surface and thus significantly simplifying the assembly process 
of the associated sandwich panel [19]. 

The objective of the present paper is to evaluate the bending 
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performance of a sandwich beam which contains the novel pyramidal 
core, mentioned above. Overall bending and shear stiffness in a four- 
point bending configuration are predicted using finite element simula-
tion and both properties are also measured experimentally. The results 
are further compared to other types of sandwich beams based on 
different core topologies to highlight the structural performance of the 
cellular configuration. 

2. Cellular core and manufacturing process 

The pyramidal corrugated core can be obtained from any ductile 
metallic sheet (e.g. aluminium alloys, stainless steels etc.) through a 
continuous manufacturing process as described in [19]. This results in a 
pyramidal corrugated structure with a bi-directional expansion on both 
Ox and Oy axes, Fig. 1. 

The constructive parameters defining the cellular core, Fig. 1a) are: g 
– thickness of the base material, lo – length of the strut, c – base of the 
cell’s strut, l1 – distance between two consecutive perforations, R – 
radius of the perforations, A – expansion angle of the structure, B – 
inclination angle of the strut. 

The interdependence between them lead to the computation of the 
bulk dimensions of the unit cell; t – width of the expanded structure, h – 
height of the unit cell, and w – length of the expanded unit cell [19]. 

The lightweight characteristic of a corrugated core can be evaluated 
through its relative density (ρr) represented by the ratio between the 
volume of base material (Vm) from which the cellular core is manufac-
tured and the volume of the resulting structure (Vs = wth) [20,21]. 

The lightweight characteristic of a corrugated core can be evaluated 
through its relative density (ρr) represented by the ratio between the 
volume of base material (Vm) from which the cellular core is manufac-
tured and the volume of the resulting structure (Vs) [20,21]. 

ρr =
Vm

Vs
(1) 

Relative density of the pyramidal core shown in Fig. 1 is computed 
using Eq. (2). 

ρs =
4cg(l0 + l1 + 2R) − zgl1 − 8glR − 4πgR2

wth
(2)  

where z is the thickness of the cutting tool. 

3. Bending and shear stiffness of the sandwich assembly 

3.1. Sandwich beam theory 

In traditional beam theory, Fig. 2, bending stiffness of a simple ho-
mogeneous beam is determined as the value of the Young’s modulus E, 
multiplied by the second moment of area of the beam, equation (3) [20]. 

For a sandwich beam, Fig. 3, where the elastic modulus of the core 
along the z axis is not constant, equation (3) can be rewritten as: 

Fig. 1. The schematic representation of the pyramidal cellular core: a) the unit cell and its parameters: b) the resulting core and its expansion directions; c) a strip of 
the mechanically expanded core (Oy direction) [19]. 

Fig. 2. Simple homogeneous beam subjected to bending loading.  
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D =

∫

Ez2dz (4) 

By considering Eq. (4) and assuming a symmetric sandwich beam 
where the two face sheets have the same thickness, tf , the bending 
stiffness becomes [23]: 

D =

∫−
tc
2

− tf − tc
2

Ef z2dz+
∫

tc
2

−
tc
2

Ecz2dz+
∫
tc
2+tf

tc
2

Ef z2dz (5) 

Taking into consideration that d = tf +tc and after integration, Eq. (5) 
becomes: 

D =
Ef tf

3

6
+

Ef tf d2

2
+

Ectc
3

12
= 2Df +D0 +Dc (6)  

where: 
Ef − Young’s modulus of the face sheet material;. 
Ec − Young’s modulus of the core material;. 
tf − face sheet thickness;. 
tc − thickness of the core;. 
Df − the bending stiffness of the two face sheets;. 
D0 − the Steiner contribution to bending stiffness;. 
Dc − the bending stiffness of the core. 
The shear stiffness of a sandwich beam, considering the assumptions 

that tf ≪tc and Ec≪Ef , can be defined with the following equation: 

S =
Gd2

tc
(7)  

where: G − the shear modulus of the core. 
Both D and S given by Eq. (6) and Eq. (7) are measures per unit width 

of the beam. 
For the bending performances of a sandwich beam to be determined 

it has to be subjected to a bending loading scenario. Three-point bending 
(3PB) has been proven effective for computing the stiffness of a sand-
wich beam [23,24] but in the case of a pyramidal corrugation with a 
significant distance between two successive adhesion surfaces, a 
four-point bending (4PB) setup is deemed more appropriate. 

4PB has a constant shear force P in the entire region between the 
outer and inner supports and a constant bending moment in the mid-
span. This lowers the risk of local failure due to indentation of the face 
sheets and it helps in achieving a broader understanding of the core 
behaviour and its mechanical properties [25,26]. 

In order to determine the bending and shear stiffness of the sandwich 
beam, the four-point bending set-up described in Fig. 4 is considered. 

Having determined the relation between the imposed displacement 
w1 , the resulting deflection w2 and the measured load P, the bending 

and shear stiffnesses can be computed according to the sandwich beam 
theory, by using Eqs. (8) and (9) [21,22]: 

D =
PL1

2(L2 − L1)

16w2
(8)  

S =
12DP(L2 − L1)

12w1DL2 − P
(
L1

3 − 3L1
2L2 + 2L2

3) (9) 

An effective way for evaluating the structural performance of a 
sandwich beam is to determine the specific bending and shear stiffness, 
according to Eqs. (10) and (11): 

Dm =
D
m

(10)  

Sm =
S
m

(11)  

where: 

m =
(
2ρssk

tf + ρrρsc
tc
)
L2b  

with: tf - thickness of the skins, tc – thickness of the core, ρr – relative 
density of the cellular core, ρssk,c 

– density for the base material of the face 
sheets and core respectively, b – width of the sandwich beam, L2 – active 
length of the sandwich beam. 

3.2. Numerical identification and finite element model 

The finite element model for the four-point bending analysis of the 
sandwich beam is presented in Fig. 5, where the sandwich beam con-
sisting in two lateral faces (marked 3 and 5) and a cellular core (marked 
4) is subjected to a four-point bending loading scenario between support 
rollers (marked 6 and 7) and the loading rollers (marked 1 and 2). 

Components are modelled using 4-node structural shell elements, 
S4R. This is a reduced integration element with 6 DOFs for each node, 3 
translations and 3 rotations. The element count for each individual 
model is different since it is influenced by the number of unit cells 
contained in the core and by the width and length of the sandwich beam. 
The average number of elements for the Oy and Ox direction is 110.000 
and 130.000, respectively. The number of elements over beam width 
and length is 22 respectively 270, the number of elements in one pyr-
amid cell is on average 8500. The number of elements for a single roller 
is 2000. 

Components marked 1, 2, 6 and 7 representing the rollers are 
modelled as analytical rigid bodies. The main feature of such a 
component is the inability to sustain deformation and its position in 
space is defined by a single reference point. For the support rollers, all 
DOFs are restricted while for the loading rollers an imposed displace-
ment is applied on the perpendicular direction of the face sheets. The 
deflection at midspan is registered at a node on the top sandwich face 
sheets in the symmetry plane and the corresponding reaction force is 
taken from the bottom cylinders. The contact areas between the sand-
wich components (core and face sheets) are modelled as a node-to- 
surface contact with a perfectly bonded option. The contact between 
the support and loading rollers with the sandwich face sheets is 

Fig. 3. Schematic representation of a sandwich beam (z = 0 at the mid-section 
of the core). 

Fig. 4. Schematic representation of the four-point bending setup.  Fig. 5. Four-point bending setup for the numerical model.  
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modelled as a surface contact with a theoretical friction coefficient of 
0.17 corresponding to a dry, in air steel-to-steel interaction. A simplified 
contact was considered sufficient at this stage of the research since slight 
variations of the friction coefficient are not expected to have a signifi-
cant influence on the overall results. The elastic and plastic properties of 
the core material are defined in the model according to Table 1. The face 
sheets are manufactured from mild carbon steel with the elastic modulus 
Es = 111 GPa and the yield strength σy = 143.3 MPa. 

A thorough investigation of the material properties used for the 
manufacturing of the pyramidal core and face sheets of the sandwich 
panel was not deemed necessary at this point of the research since the 
properties of the investigated structure are highly influenced by sys-
tematic defects of the manufacturing process. This suggests that the 
parameters controlling the mechanical expansion are the key factor in 
controlling the geometric imperfections rather than slight variations of 
the base material properties. 

The yield stress – plastic strain curve of the material model is shown 
in Fig. 6. 

3.3. Geometric imperfections 

When computing the bending and shear stiffness of sandwich as-
semblies with periodic cellular cores, especially in the out-of-plane di-
rection, simulation results are usually higher than experimental values. 
This is caused by the imperfections in the cellular structure due to un-
desired variations of the geometric parameters which can occur during 
the manufacturing process [22]. 

Including the initial geometric imperfections of the corrugated core 
into the numerical model may lead to more realistic solutions and 
evaluation of the mechanical properties of the sandwich assembly. 

Geometric imperfections are defined as perturbations of the initial 
geometry. A common approach to define the geometric imperfections is 
the superposition of buckling eigenmodes onto the initial geometry 
before load application. The first step consists in performing a linear 
buckling analysis to establish the most probable collapse modes. The 
evaluation of the buckling shapes enables the choice of the modes which 
generate the most critical imperfections (the lowest buckling modes are 
assumed to provide the best approximation). 

The distorted nodal coordinates can be furtherly imposed onto the 
geometry to create a perturbation of the mesh by using a scaling factor, 
using Eq. (12): 

Δxi =
∑M

i=1
ωiϕi (12)  

where: 
Δxi − represents the distorted nodal coordinates; M − the number of 

buckling shapes; ϕi − is the ith mode shape and ωi − is the associated 
scaling factor [28]. 

For the finite element model of the sandwich beam under study, the 

geometric imperfections of the core are considered. Due to its complex 
topology, the struts of the unit cell are most likely to sustain deformation 
during the manufacturing process. Thus, a linear buckling simulation is 
performed on the standalone core and the first 20 deformation shapes 
are computed. By analysing the eigenmodes, and due to their similarity 
in shape and eigenvalues, the first buckling mode is considered to have 
the highest probability in generating critical initial deformation, Fig. 7. 

A scaling factor of 0.1 is applied. This generates a perturbation of the 
initial core geometry which allows the nodes affected by the loading 
case to translate in the direction set by the eigenmode by 10% of the 
value of the initial displacement Ui. 

3.4. Experimental procedure 

The objective of the experimental investigation is to validate the 
numerical model for the computation of bending and shear stiffness of 
the sandwich beams constructed with the proposed pyramidal cellular 
core. To ensure the reproducibility of the bending behaviour, three 
samples for each configuration were subjected to experimental testing. 

3.5. Manufacturing of specimens 

The cellular core is manufactured from a stainless-steel type 304 
metallic sheet with a 0.25 mm thickness. The perforated profile is ob-
tained on a Maxiem 1530 water jet cutting machine which is equipped 
with 20 HP hydraulic pump and can sustain a constant water pressure of 
3500 bar. 

The face sheets are obtained from mild carbon steel metal sheet with 
a thickness of 1.5 mm and with the elastic properties as listed in Section 
3. The cellular core is bonded to the face sheets using Araldite 2015, an 
epoxy based bi-component adhesive produced by Huntsman. The ad-
hesive is applied using a manual glue gun with a mixing nozzle to keep 

Table 1 
Mechanical properties of stainless-steel type 304 [27].  

Young’s Modulus [MPa] Poisson’s coefficient 

187000 0.29 

Yield Stress [MPa] Plastic strain 

181.5 0 
269 0.047 

343.8 0.094 
402.5 0.138 
444 0.18 

484.4 0.22 
513.5 0.26 
546.8 0.297 
581 0.333 
645 0.402  

Fig. 6. Yield Stress – Plastic Strain data for stainless-steel type 304 [25] used 
for defining the plasticity behaviour. 

Fig. 7. Buckling mode 1 for the investigated core.  
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the mixing percentage as recommended by the manufacturer, Fig. 8a). 
The resulting sandwich assembly is depicted in Fig. 8b). The position of 
the sandwich beams during the experimental procedure, for all the 
configurations considered for the study, is shown in Fig. 8c). 

3.6. Investigation of geometric configurations 

Different geometric configurations of the cellular core are obtained 
by varying the radius of the perforations R = [3–5] mm, which results in 
a variation of the expansion angle A. Parameters B = 60◦, l1 = 10 mm, l0 
= 15 mm and c = 15 mm are kept constant. Both expansion directions of 
the cellular core, x and y, are taken into consideration when 
manufacturing the samples. This leads in obtaining six configurations 
named C1X ÷ C3X and C1Y ÷ C3Y respectively, Table 2. 

Since the core of the sandwich panel is represented by a pyramidal 
corrugation, the dimensions for the shear- and mid- spans are chosen in 
consideration to the specimen’s configurations so that the loading rol-
lers come in contact with the face sheets correspond to the middle of the 
top and bottom adhesion surfaces of the pyramidal cell in order pre-
mature bending effects of the face sheets, Fig. 9. 

3.7. Experimental protocol 

The four-point bending tests are performed on an Instron 2985 
testing unit, they are displacement controlled with a constant cross-head 
speed of 1 mm/min and an imposed displacement of 3 mm. Applied load 
is measured using a 30 kN load cell. 

Digital Image Correlation (DIC) is carried out in order to register the 
deflection at midspan, w2, throughout the experimental procedure. The 
optical equipment consists of one high speed camera connected to the 
data acquisition computer of the test rig with an image recording at a 
frame rate of 10 images per second. That system ensures the synchro-
nous recording of the analogue data (e.g. displacement, registered load) 
for each registered image. 

The maximum deflection at midspan, w2, is later determined on the 
slope of the load-displacement graph in the elastic regime and it is 
computed as: w2 = h1 − h0, with the help of the images registered 

during the experiment and depicted in Fig. 10. The value for h1 is 
registered following a point marked in white on the bottom face sheets 
of the sandwich beam. 

4. Results 

The stiffness of the sandwich beams subjected to four-point bending 
can be computed analytically with the help of Eq. (7) with respect to the 
dimensions and mechanical properties of the core and face sheets; the 
value of the core stiffness, Ec, was previously determined as follows: 
EC1X = EC1Y = 15.4MPa; EC2X = EC2Y = 9.08MPa and EC3X = EC3Y =

5.43MPa [17]. 
The results for the specific bending stiffness with respect to the total 

mass of the sandwich beam are shown in Table 3. 
The specific shear stiffness of the sandwich beam cannot be 

computed analytically since the shear modulus of the standalone core 
has not yet been determined. 

It should be noted that in a sandwich configuration the pyramidal 
core provides only point-wise support for both face sheets. The span 
between successive struts may be much larger than face sheet thickness 
which implies that face sheets develop bending behaviour at the scale of 
this span. Upper and lower face sheets may exhibit a global deflection 
pattern to which a local pattern is superposed. As a result, the conditions 
of constant curvature are not entirely fulfilled in a four-point bending 
setup which may lead to an overestimation of beam bending stiffness. An 
analytical prediction of sandwich stiffness for this configuration is not 
realistic and formula (7) is only indicative, which makes the replace-
ment with finite element calculations a necessity. Worth mentioning is 
that the shear deformation is significant only in the case of a short shear 
span, otherwise local effects are usually encountered. 

Four-point bending tests provide values for the load (P), displace-
ment (w1) and deflection at midspan (w2) for each of the specimens 
considered during the experimental procedure. Table 4 presents a 
comparison between the experimental and numerical results. The value 
for the displacement (w1) is the same for both models, experimental and 
numerical, in order to ensure an accurate correlation for the bending 
stiffness and strength. 

As expected, the experimental values registered for the maximum 
load are slightly lower than the numerical ones. The numerical model 
does not take into consideration the thickness of the adhesive layer used 
to assemble the sandwich beam, which is transposed into a difference in 
height of the sandwich beam. This results in slightly lower values in the 
case of the numerical model as opposed to the samples subjected to 
testing. However, in the conditions defined by the present setup, this 
would not have a significant influence on the structural performance. 

In addition to this, the potential geometric imperfections of the 
sandwich face sheets are not taken into consideration for the numerical 
model. This aspect has an influence on the values for the deflection at 
midspan which are lower for the samples subjected to experimental 
testing as opposed to the numerical model. 

Considering the values in Table 3 and using them into Eqs. (8) and 
(9), the bending and shear stiffness of the sandwich beams can be 
computed. 

Fig. 8. (a) Component elements of the sandwich assembly; b) assembled 
sandwich structure; c) position of the sandwich beam in the testing unit. 

Table 2 
Experimental configurations and dimensions of the samples for the four-point 
bending tests.  

Config. 
Beam 
length 
[mm] 

Beam 
width 
[mm] 

Beam 
height 
[mm] 

Expansion 
angle, A [º] 

Loading 
span, L1 

[mm] 

Support 
span, L2 

[mm] 

C1X  533  37.9  18.09  21.8  183  419 
C1Y  525  45.09  18.15  21.8  180  416 
C2X  550  37.77  18.56  28.1  95  343 
C2Y  535  50.94  18.82  28.1  104  364 
C3X  568  38.28  19.12  33.7  61  366 
C3Y  550  54.86  19.49  33.7  73  381  
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Figs. 11 –16 show the values for the bending and shear stiffness for 
all the configurations subjected to experimental testing (C1X-C3X and 
C1Y-C3Y) as well as the comparison with the numerical values resulted 
from finite element simulation. 

The bending performance is defined on the elastic regime of the load- 
displacement curves and the values for the w1 and w2 displacements 
were registered and computed in the midspan, thus, the DIC system was 
focused on that region alone. The deformed shapes of the entire beam 
represent the prediction of the finite element models and are super-
imposed onto the un-deformed shapes. The values for the applied 
displacement, w1 are mentioned on the each figure and are specifically 
defined for every configuration. The details highlighted show the 
buckling shapes of the struts of the unit cells in the shear span. 

The comparative study shows that both models, numerical and 
experimental, exhibit the same trend. Although deviations between the 
sets of physical and virtual experiments are occurring for some 

configurations, it is considered that the phenomena which are observed 
in both models correlate well. 

5. Discussions 

Since the dimensions of the shear- and mid- spans are chosen in 
consideration with the topology of the core, due to the registered dif-
ferences between values, Table 3, the most relevant comparison with 
respect to the performance of the sandwich beam can be outlined ac-
cording to the two expansion directions defined by the main axes of the 
corrugation: x and y. 

The bending performance of the sandwich beam strongly depends on 
the expansion direction of the corrugation due to the position of the strut 
determined by the value of the expansion angle A. The slenderness of the 
strut (determined by the value of the perforation radius, R) as well as the 

Fig. 9. Placement of loading rollers: a) configuration C2X; b) configuration C2Y.  

Fig. 10. Method for extracting the value of w2: h0 − the initial position of the sandwich beam; h1 − the position of the beam corresponding to the given displacement 
for each configuration. 

Table 3 
Analytical calculation of the specific bending 
stiffness (ratio of stiffness over beam mass).  

Config. Dm [kNm2/kg] 

C1X  4.94 
C1Y  3.95 
C2X  7.05 
C2Y  7.1 
C3X  2.12 
C3Y  1.76  

Table 4 
Numerical and experimental results for the four-point bending loading.   

Experimental results  Numerical (FEA) results 

Config. Load [N] w2 [mm] w1 [mm] Load [N] w2 [mm] 

C1X  70.31  0.022  0.425  81.45  0.021 
C1Y  44.04  0.021  0.246  77.19  0.023 
C2X  33.59  0.003  0.3  51.91  0.004 
C2Y  42.12  0.0034  0.25  73.32  0.005 
C3X  27.18  0.004  0.27  32.07  0.005 
C3Y  24.12  0.0052  0.25  30.77  0.006  Fig. 11. (a) Load-Displacement plot for the C1X configuration under four-point 

bending; (b) Experimental deformation for w1 = 1.75 mm; (c) FE model 
deformation for w1 = 1.75 mm. 
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distance between the top and bottom adhesion surfaces (given by the 
length of the unit cell of the core) also have a significant influence on the 
structural performance of the assembly. 

Analysis of the graphs in Figs. 11–16 reveals a difference between the 
experimental and FE curves. A noticeable difference was registered for 
the configurations defined by the y axis. This could be due to the fact the 
struts of the pyramidal core are more susceptible to geometrical im-
perfections when the diplacement is exerted on a transversal direction. 
The error introduced by the geometric imperfections could be influ-
enced by the value of the radius of the perforation, R, which defines the 
slenderness of the strut as well as by the bending moment of the adhe-
sion surfaces. For the C1Y and C2Y configurations at least one of the 
load-displacement curves registered experimentally was similar to the 
one obtained using the FE computation as shown in Figs. 12 and 14. For 
the C3Y configuration, the experimental results were different than the 

FE model suggesting that the expansion process is harder to control 
when the slenderness of the strut is increased, Fig. 16. 

Another reason for the difference registered between the FE and 
experimental results is due to the fact that for some of the tested sam-
ples, a premature failure in the adhesive layer was observed prior to core 
failure (e.g. sample 1 for the C2X configuration), Fig. 17. 

Since the process of mechanical expansion does not involve forming 
the core between two flat supports (e.g. cold forming in moulds) geo-
metric imperfections are likely to appear. If the values of the geometric 
parameters are not respected accordingly, planarity deviations of two or 
more adjacent adhesion surfaces may occur. Fig. 17 a) shows the 
planarity deviation of two successive adhesion surfaces (marked A and 
B). The purpose of the adhesive layer is to maintain the connection 
between the core and face sheets so that the distance between the two 

Fig. 12. (a) Load-Displacement plot for the C1Y configuration under four-point 
bending; (b) Experimental deformation for w1 = 1.5 mm; (c) FE model defor-
mation for w1 = 1.5 mm. 

Fig. 13. (a) Load-Displacement plot for the C2X configuration under four-point 
bending; (b) Experimental deformation for w1 = 1.5 mm; (c) FE model defor-
mation for w1 = 1.5 mm. 

Fig. 14. (a) Load-Displacement plot for the C2Y configuration under four-point 
bending; (b) Experimental deformation for w1 = 1.5 mm; (c) FE model defor-
mation for w1 = 1.5 mm. 

Fig. 15. (a) Load-Displacement plot for the C3X configuration under four-point 
bending; (b) Experimental deformation for w1 = 1.5 mm; (c) FE model defor-
mation for w1 = 1.5 mm. 
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would be constant throughout the loading process. If the four struts of 
one-unit cell do not have the same height the condition cannot be 
accomplished. This results in an inconsistent load transfer between the 
components of the beam which may lead to a premature failure, Fig. 17 
b). For the C2X configuration, sample one registered a premature ad-
hesive failure at a displacement w1= 0.23 mm. This is translated in a 
change in trend of the load-displacement curve of the tested sample. 

However, adhesive failure is observed only in some regions of the 
contact between the core and face sheets. In addition, for each of the 
configurations there is at least one sample with values for the bending 
and shear stiffnesses similar to the FE models. Furthermore, since the 
bending performance was defined on the elastic regime the fracture of 
the adhesive layer was not regarded since it would not have a significant 
influence on the overall mechanical properties of the sandwich 
assembly. 

With respect to bending behaviour, the sandwich beam is more 
susceptible to deformation on the direction corresponding to the y axis 
as opposed to the x axis for the C1 and C3 configurations. A significant 
difference with respect to the specific bending stiffness is registered for 
the C1 configuration with a value of 4.68 kNm2/kg for case C1X as 
opposed to 3.47 kNm2/kg for case C1Y. 

A decrease of the same magnitude is found for the C3 configuration, 
with a drop in value of approximately 25% for C3Y configuration in 

comparison to C3X. 
However, the C2 configuration shows a completely different 

behaviour. In terms of specific bending stiffness, the two configurations 
register the same value of 6.5 kNm2/kg. This shows that the geometric 
parameters of the unit cell for this configuration generate a more ho-
mogeneous core with similar bending behaviour on both of the in-plane 
directions. 

In terms of specific shear stiffness, for the C1Y configuration an 
improvement of approximately 16% can be observed for the shear 
stiffness when compared to C1X. This is due to the fact that in the y 
direction the core becomes more compact and the inclined position of 
the struts offers the structure the capacity to better sustain shear stresses. 
The same trend is observed for the C2 configuration with a value of 
287.18 N/kg for C2X and 341.97 N/kg for C2Y. 

However, the same behaviour is not observed for the C3 configura-
tion, where the shear stiffness for the y direction is reduced approxi-
mately by 35% as opposed to the x axis. 

This suggests that, together with the decrease of the slenderness of 
the strut, the beam becomes more prone to shear failure. 

In the C3 configuration, a significant difference between the nu-
merical and experimental values is encountered. This suggests that, as 
the radius of the perforation (R = 5mm) increases, the corrugation be-
comes more susceptible to geometric imperfections through the strut’s 
width during the mechanical deformation process. This variation 
together with the large span between two adjacent struts translates in a 
decrease of the mechanical performances of the structure. 

Structural performance of the proposed sandwich cores is further 
compared with a selection of sandwich beams based on different core 
types. The comparative results for the sandwich configurations with 
respect to the specific bending and shear stiffness are presented in  
Figs. 18 and 19. The similarity of the specific bending stiffness in the 
case of C2X and C2Y places this configuration as the best candidate for 
future investigation and optimisation which might lead to a further 
improvement in mechanical performance. The possibility that the den-
sity can be further reduced may be considered. 

The sandwich beams based on the proposed pyramidal core show 
high potential for the industry of advanced lightweight structures with a 
significant improvement in bending stiffness when compared to state-of- 
the-art honeycomb structure by an order of magnitude. All the investi-
gated configurations show a significantly reduced density compared to 
the Honeycomb [21] and the Expasym developed by Velea et al. [21]. 

The highest bending stiffness is registered for the C2X and C2Y 
configurations with a value of 6.5 kNm2/kg. They are seconded by the 
foam based core HB1F, presented by Fubin Zhang et al. [29], with a 

Fig. 16. (a) Load-Displacement plot for the C3Y configuration under four-point 
bending; (b) Experimental deformation for w1 = 2 mm; (c) FE model defor-
mation for w1 = 2 mm. 

Fig. 17. a) Planarity variations of two successive adhesion surfaces; b) Regions 
of adhesive failure. 

Fig. 18. Specific bending stiffness as function of core density for the beams 
subjected to study. 
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slight decrease in performance but with the same density. Structures 
CONF and HB1F from the same author have the same lightweight ca-
pabilities and mechanical performances similar to the C1Y configuration 
and considerably lower that the C1X. 

Considering the bending behaviour, the lowest performance, with an 
effective stiffness of 1.15 kNm2/kg, is registered for the C3Y case. Even 
though this ranks above some of the configurations used in the 
comparative study, it is still exceeded by the lattice-based assembly with 
improved mechanical properties and a density of 95.3 kg/m3. The C3X 
configuration presents a slightly improved bending stiffness but at the 
same time has a higher density. 

The presence of the expansion angle A proves to have a positive in-
fluence on the mechanical performance. Further optimisation of the 
pyramidal core may lead to a reduced density while maintaining/ 
increasing its mechanical properties. 

The specific shear stiffness as a function of core density is illustrated 
in Fig. 19. The structural performance with respect to density is similar 
for most of the structures subjected to study. The highest performance 
for the shear stiffness is registered for the C2Y configuration with a 
maximum value of 341.07 N/kg. The newly developed cellular core is 
ranked above most of the structures considered throughout the 
comparative study. Its shear performance is still exceeded by the lattice 
corrugation [21], with a value of 545 N/kg for a density of 95.36 kg/m3. 
An optimisation of the geometric parameters of the pyramidal core is 
expected to lead to an improvement of the bending performance of the 
associated beam. This could be the subject for further research and a 
good starting point is to consider the expansion angle, A, independent 
from the radius of the perforation, R. 

The foam core-based beam TB1F [29] also shows slightly higher 
performances, with a value of 405.14 N/kg but with the same light-
weight characteristics as the C2Y configuration. The advantages of the 
sandwich core under study are its open topology and multifunctional 
potential. 

Configuration C3Y ranks lower in shear performance than the 
ExpaAsym and the honeycomb, but with a significant reduction in 
density. 

Bending and shear stiffness may further be increased by replacing the 
stainless-steel core material with a low density one (e.g., aluminium) 
and the face sheets material from mild steel to carbon fibre reinforced 
composites. This is expected to translate into a significant decrease in 
density, which is a topic of interest for further investigations. 

The novelty brought by the investigated pyramidal structure is rep-
resented by the versatility of the topology of the core. By variating a 
single parameter, from the multitude that define the representing unit 

cell, a total number of six configurations were obtained, shown in  
Fig. 20. 

The load bearing feature of the pyramidal corrugation is represented 
by the inclined member of the strut. Its slenderness, defined by the 
radius of the perforation, R, has a direct influence on the density and 
mechanical properties of the sandwich assembly. 

The study of the bending performance for these configurations has 
led to a high level of understanding the behaviour of the pyramidal core 
in complex loading scenarios. The experimental and numerical in-
vestigations have shown that the sandwich structure is more prone to 
have higher bending stiffness when exploited on the x direction of 
expansion but has a better capacities in sustaining shear loads on the 
direction defined by the y axis. 

Furthermore, the slenderness of the struts has a high influence in 
reducing the overall bending stiffness and strength, as suggested by 
configurations C3X and C3Y, but in terms of complex loading scenarios, 
the structural performance is mainly influenced by the combination of 
the defining parameters of the unit cell rather than a single one, as 
shown by the similarity of the values obtained for the C2 configuration,  
Table 5. 

6. Conclusions 

The main objective of this research is to assess the bending perfor-
mance of a sandwich beam based on a pyramidal cellular core, made out 
of sheet metal through a mechanical deformation process. The bending 
and shear stiffness are computed with the help of a finite element model 
which is validated through physical experiments. 

The following conclusions can be drawn regarding the proposed 
sandwich configurations:  

• The present sandwich structure has the potential to compete with 
concepts based on other cellular topologies.  

• The C2 geometrical configuration proves to be the best candidate for 
future investigations and optimisations in order to reach the 
maximum potential of the sandwich assembly based on the pyra-
midal corrugation. The ratio between the defining parameters of the 
unit cell provide an efficient load transfer between the core and the 
face sheets resulting in a structurally stable sandwich beam on both 
directions of expansion. 

• The internal angle A proves to have a positive influence on the me-
chanical performance of the pyramidal structure compared to a 
similar topology but with an expansion angle equal to zero (A=0◦).  

• Increased overall bending and shear stiffness together with weight 
reduction may also be achieved by replacing the material of the core 
and face sheets with low-density materials (e.g. aluminium, carbon 
fibre reinforced composites etc.).  

• Another possibility of improving the performances of the sandwich 
structure would be considering the expansion angle, A, independent 
from the perforation radius R. 
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Table 5 
shows the comparison between the numerical values resulted from the finite 
element simulations and the values measured during the experiments, for the 
bending and shear stiffness.   

Dm [kNm2/kg] Sm [kN/kg] 

C1X 
3.0 0.221 
4.63 0.227 
4.51 0.224 

Dm − average 4.05 0.224 
Dm − FEA 4.68 0.287 

C1Y 
1.49 0.151 
3.23 0.313 
1.28 0.129 

Dm − average 2.01 0.198 
Dm − FEA 3.47 0.341 

C2X 
4.25 0.258 
3.41 0.237 
6.04 0.301 

Dm − average 4.57 0.266 
Dm − FEA 6.29 0.326 

C2Y 
3.22 0.197 
4.03 0.271 
5.56 0.392 

Dm − average 4.27 0.286 
Dm − FEA 6.5 0.412 

C3X 
1.27 0.236 
1.38 0.245 
1.33 0.241 

Dm − average 1.32 0.241 
Dm − FEA 1.55 0.291 

C3Y 
0.83 0.141 
0.96 0.165 
0.81 0.126 

Dm − average 0.87 0.144 
Dm − FEA 1.13 0.189  
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Abstract: Stiff and strong yet lightweight cellular structures have become widely designed and used
as cores for the construction of sandwich panels to reach high stiffness and strength to weight ratios.
A low-density pyramidal cellular core has been proposed for investigation in this work. The novel
core is manufactured from stainless steel sheet type 304 through a mechanical expansion procedure
which is described in detail. The out-of-plane stiffness and strength performance is estimated by
an analytical model which is successfully validated through experimental tests. A comparative
study with other existing cellular core configurations made from other materials indicates an average
performance behavior for the investigated structure. However, potential for a further structural
performance increase is observed and discussed

Keywords: pyramidal cellular core; out-of-plane compression; mechanical expansion; analytical model

1. Introduction

Over the past few decades, the use of periodic cellular cores for sandwich structures has become a
widely used approach in the context of structural weight reduction and energy saving. The concept has
been proven to provide increased stiffness and strength as well as impact energy absorption capabilities,
in industries such as aerospace, automotive and naval [1].

Honeycomb cellular cores are the most common choice when it comes to high-performance
applications, but the associated manufacturing process remains complex [2,3]. In addition to this,
due to their closed-cell structure, they trap moisture, which may lead to internal corrosion and face sheet
de-bonding [4]. The intensive research conducted in this field proposes a wide range of low-density
cellular cores developed as an alternative to the honeycomb. These range from simple manufactured
structures and low structural performance ones to more sophisticated manufacturing procedures and
high-performance ones, depending on the targeted application [3]. On the one hand, the corrugated
structures represent one of the cores easiest to manufacture, but this does not provide the best solution
with respect to stiffness and strength to weight ratios. However, methods for improving their structural
behavior have been proposed by considering the hierarchical structure concept [5,6].

On the other hand, lattice-truss cellular cores have been considered more and more in recent
years, due to their increased structural performance [7–9]. These also offer the possibility of integrating
multifunctional characteristics due to the open-space geometry; however, most of the corresponding
manufacturing methods are not attractive for bulk and mass production. Research has been carried out
to simplify the manufacturing process of pyramidal lattice structures [10] and triangular corrugated
structures [11,12] where solutions have been proposed for structures made of thermoplastic composites.
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More recently, additive manufacturing technologies bring total freedom with respect to the
cellular configuration, however not yet to the type of material that can be used [13–16]. In addition,
additive manufacturing is not yet cost effective for bulk and mass production.

Within this context, a novel pyramidal cellular core is obtained within this study. The stiffness
and strength of the newly developed structure is evaluated both theoretically and experimentally in
out-of-plane compression. The results obtained are evaluated through a comparison with other types
of cellular configurations.

2. Cellular Structure and Its Manufacturing Principle

The cellular structure developed in this research is derived from one that is perforated trapezoidal
corrugated, with an addition of an internal angle A, as shown in Figure 1.
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manufactured mechanically expanded perforated corrugated structure is shown in Figure 3. 
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Figure 1. Schematic representation of the cellular structure: (a) perforated trapezoidal corrugation;
(b) mechanically expanded perforated trapezoidal corrugation resulting in a pyramidal structure.

In a continuous manufacturing process, Figure 2, the stages can be described as follows: a series
of specific perforations are generated on a flat sheet metal resulting in a profile numbered 1, 2 (zone I).
Successively, a pattern of bends, numbering 3, is performed with the purpose of better guidance of the
expansion process (zone II). The sheet metal is then fixed at one end (points O1 and O2) while at the
opposite end a specific displacement Ux is applied along the direction of expansion. The expansion
process is stopped when the cells reach the desired inclination angle B. An example of the manufactured
mechanically expanded perforated corrugated structure is shown in Figure 3.

The interdependence of the geometric parameters for the investigated pyramidal structure are
indicated in Table 1.

Table 1. Interdependence between geometric parameters for the investigated topology.

Geometric Parameter Expression

Expansion angle A = arctan
(

2R
c

)
Length of the unit cell w = 2l1 + 2locos(B) + ctan(A) + 2R
Width of the unit cell t = 2c + z + l0 sin(B) tan(A)
Height of the unit cell h = 2g + l0sin(B)
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Geometric Parameter Expression 

Expansion angle ܣ = ݊ܽݐܿݎܽ ൬2ܴܿ൰ 

Length of the unit cell ݓ = 2݈ଵ + 2݈ܿ(ܤ)ݏ + (ܣ)݊ܽݐܿ + 2ܴ 
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Figure 2. Key steps in the manufacturing process of the pyramidal cellular structure. The parameters
defining the structure are: c—base of the cell’s arm, z—thickness of the cutting tool, R—radius of the
perforation, g—thickness of the base material, A—expansion angle of the structure, t—width of the
expanded structure, lo—strut length, l1—distance between the perforations, h—height of the expanded
unit cell, B—inclination of the strut, and w—length of the expanded unit cell.
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3. Analytical Model for Stiffness and Strength in Out-of-Plane Compression

Due to the symmetric topology of the structure, a quarter of the unit cell has been taken into
consideration for developing the analytical model, as shown in Figure 4. It consists of two segments,
representing the free members influenced by the external forces acting on the system. The loads and
boundary conditions consist of applying a uniformly distributed line pressure p on segment 1–2 while
setting to zero all DOF’s in point 3. The line pressure imposed on the model in the z direction generates
the vertical displacement δz.
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Figure 4. Quarter of unit cell under out-of-plane compression loading.

The resulting displacement δz is calculated based on Castigliano’s second theorem [17] which states
that, for linear elastic deformations, the displacement δj of the point of application j of the force Fj
along the direction of Fj can be determined as:

δ j =
∂U
∂F j

(1)

where U is the strain potential energy stored in a volume V of a body in equilibrium conditions, and can
expressed as [18]:

U =

∫
V

σε
2

dV +

∫
V

τγ

2
dV (2)

where σ is the normal stress, τ is the shear stress, ε is the normal strain and γ represents the shear strain.
When the inner forces consist of bending moments and tangential forces, by considering that the

material complies with Hooke’s law (σ = E · ε), Equation (2) becomes:

U =

∫
V

σ2

2E
dV +

∫
V

τ2

2G
dV (3)

For a Euler beam of length l, Equation (3) may be rewritten as:

U =

∫
l

M2

2EI
dx +

∫
l

T2

2GA
dx (4)

By replacing U from Equation (4) to Equation (1), we obtain:

δ j =
∂
∂F j

∫
l

M2

2EI
dx +

∂
∂F j

∫
l

T2

2GA
dx (5)

This equivalent model formulation was successfully applied to several types of corrugations [19,20]
and to expanded hexagonal structures [21].
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For the pyramidal structure (Figure 4), the calculated displacement δz is:

δz = p


2R + l1
32Gcg

−

12l02

 cos(B)
(
R+

l1
2

)(
R
2 +

l1
4

)
32 +

cos(B)
(
R+

l1
2

)(
R
4 +

l1
8

)
8

+ l03 cos(B)2
(
R+

l1
2

)
4 ++3l0

(
R + l1

2

)(
R
2 + l1

4

)(
R
4 + l1

8

)
Eg3(2R− c)



+

12l02

My cos(B)
8 +

Fx cos(A) sin(B)
(

R
4 +

l1
8

)
2 + 12l0My

(
R
4 + l1

8

)
+ Fxl03 cos(A) cos(B) sin(B)


Eg3(2R− c)

−

3My
(
R + l1

2

)2

2Ecg3 −
Fxl0 cos(A) cos(B) sin(B)

4Gg(2R− c)

(6)

where:

My =
p2E(6R2 g2(cl1+2cl0−l12)+4R3 g2(c−3l1)+Rg2(12 cos(B)l02c−12cl0l1−l13+6cl12)−8R4 g2)

96(ERg2(2c−4Rl1+2cl0+cl1)+Gl0(2cl0216R2l0+8Rcl0−8Rl0l1+4cl0l1))
+

pG(8Rl0l1(3cl02
−l0l12+3cl0l1)−64R2l02+24R2l0(cl02+2l0l122cl0l1)+cl0l1(4l0l1+6l02l1))

96(ERg2(2c−4Rl1+2cl0+cl1)+2Gl02(cl016R2+4Rc−4Rl1+2cl1))

Fx =
p2Eg2 cos(B)(2R(2R−c+l1)−(2cl0−cl1))

8 cos(A) sin(B)((Eg2(2Rc−4R2−2Rl1+2cl0+cl1))+2G(cl03−8R2l02+4Rcl02−4Rl02l1+2cl02l1))
+

pG(−16R4l0−8R3l0(3l1+c+4l0 cos(B))−4R2l0(8 cos(B)l0l1−4 cos(B)l0c+3l12
−3cl1))

8 cos(A) sin(B)((Eg2(2Rc−4R2−2Rl1+2cl0+cl1))+2G(cl03−8R2l02+4Rcl02−4Rl02l1+2cl02l1))
+

pG(−2Rl0(2 cos(B)cl02
−4 cos(B)l0l12+8 cos(B)cl0l1−3l12+3cl12))

8 cos(A) sin(B)((Eg2(2Rc−4R2−2Rl1+2cl0+cl1))+2G(cl03−8R2l02+4Rcl02−4Rl02l1+2cl02l1))

The effective strain is therefore obtained as:

εz =
δz

h
(7)

where h is representing the height of the structure (Table 1).
The effective stress acting on the structure is calculated as:

σz =
pl1
As

(8)

where As = wt/4 represents the compressive area of the structure, with w and t detailed in Table 1.
The effective stiffness parameter is further on calculated as:

Ez =
σz

εz
(9)

By substituting Equations (7) and (8) into Equation (9), it yields the expression for the out-of-plane
compressive stiffness.

The out-of-plane compressive strength model of the investigated structure is developed by
assuming the Euler buckling failure mode of the struts. The critical buckling load of the strut can be
written as:

Fcr =
π2EI2–3

4(0.6l0)
2 (10)

where I2–3 represents the cross-section moment of inertia of the strut.
An effective length factor of 0.6 was used as being the average value between fixed-fixed condition

(0.5) and fixed-pinned condition (0.7). This assumption was made to approximate the influence of the
perforation radius R at the ends of the struts.

The out-of-plane compressive strength can be evaluated by the following equation:

σz =
Fz

As
(11)

where FZ =
Fcr2 cos(A)

sin(B) and As = wt/4.
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Eventually, Equation (11) becomes:

σz =
2π

2EI2–3 cos A
(0.6l0)

2

wt sin B
(12)

4. Experimental Approach

The experimental investigation aims to validate the analytical model defined for computing the
strength and stiffness of the pyramidal cellular structure.

4.1. Manufacturing of Specimens

The specimens for the pyramidal structure were created by using a stainless-steel type 304
(E = 187, 000 MPa) sheet metal with a thickness of 0.25 mm.

The perforations were generated on a water jet cutting machine Maxiem 1530, Figure 5a,
equipped with a 20 HP hydraulic pump, which can sustain a constant water pressure of 3500 bar.
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Figure 5. (a) Manufacturing method of the perforated profile (b) specimens used for the experimental testing.

The expansion angle A was marked and the bend lines required for initiating the expansion
process were applied on the perforated profile, Figure 5b. The unit cells were afterwards expanded at
the gauge dimensions, calculated using the equations presented in Table 1.

4.2. Investigated Geometric Configurations

The investigated geometric configurations of the pyramidal cellular structure were obtained by
varying the parameter R = [3, 4, 5] mm resulting in the variation of the expansion angle A (Figure 2)
while keeping constant the parameters B = 60◦, l1 = 10 mm, l0 = 15 mm and c = 15 mm, thus resulting
in a number of three configurations named C1 ÷ C3, shown in Table 2.

Table 2. Configurations and dimensions of the samples for the compression tests.

Config. w [mm] t [mm] h [mm] B [◦] A [◦]

C1 47 37 13.3 60 21.8
C2 51 38 13.3 60 28.1
C3 54 39 13.3 60 33.7

After expanding the unit cells, they were individually glued to 1 mm thickness steel plates to fix
the movement of the struts during compression, therefore limiting the influence of the edge effects.
The adhesive used was a bi-component, epoxy based one, Araldite 2015, produced by Huntsman.
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4.3. Experimental Protocol

The compression tests were performed on an Instron 3360 testing unit and were displacement
driven with a constant crosshead speed of 3 mm/min. The load was measured using a 5 kN load cell.
The compressive stress was calculated by dividing the measured load by the surface area of the unit
cell

(
w× t mm2

)
. The compressive strain was computed by dividing the crosshead displacement by

the core initial height.
The out-of-plane elastic modulus was determined on the slope of the stress-strain curve as

Ez = σz/εz.

5. Results

The out-of-plane compression tests have provided values for the strength (σz) and effective elastic
modulus (Ez) for a single unit cell with the strut inclination angle equal to 60◦. A comparison between
experimental and analytical results is presented in Table 3.

Table 3. Analytical and experimental results for the out-of-plane compression.

Config Analytic Experimental

Ez [MPa] σz [MPa] Ez [MPa] σz [MPa]

C1 15.4 0.33 15.153 0.286
C2 9.08 0.22 9.04 0.196
C3 5.43 0.13 5.05 0.12

As expected, the registered experimental values for the maximum strength and stiffness are
slightly lower than the theoretical ones, since the analytical model does not take into consideration the
geometric imperfections of the cell’s struts obtained during the manufacturing process.

In addition, the value for the bend radii, depicted in Figure 1 numbered 3, is equal to zero, while,
in the case of the experimental testing, the bends performed have had a radius up to 1 mm. This radius
contributes in avoiding the crack propagation in the sheet metal during the expansion process.

Figures 6–8 show the values for stiffness and strength for the samples as well as the mean value
for all the configurations subjected to experimental testing (C1, C2 and C3).
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The comparative study shows that both models, analytical and experimental, follow the same path
which outlines that the analytical model was successfully validated through the experimental testing.

6. Parametric Study

Based on the validated analytical model, the out-of-plane mechanical properties can be studied
while varying the geometric parameters.

Figure 9 shows the evolution of the specific compressive stiffness and strength, Ez/ρ and σz/ρ,
for the investigated structure. The fixed parameters of the structure were l0 = 15 mm, c = 15 mm,
l1 = 10 mm while the strut inclination angle varied in the range of [0◦–90◦]. The radius of the
perforation was different for each of the tested configurations; R = 3 mm for C1, R = 4 mm for C2
and R = 5 mm for C3. The expansion angle differed between the three configurations as well since its
value is dependent on the perforation radius.
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On the one hand, as expected, the stiffness of the pyramidal structure is significantly influenced
by an increase of the strut inclination angle B, Figure 9a. On the other hand, it results that the specific
stiffness will decrease with the increase of the perforation radius R (which turns into an increase of the
angle A).

The strength of the structure, Figure 9b, decreases together with an increase of the perforation
radius, R, and, therefore, with an increase of the angle A. The difference between the three configurations
is caused by the slenderness of the cell’s strut. The highest values are recorded by the C1 configuration,
where the radius of the perforation has the lowest value, R = 3 mm.

7. Discussion

The typical out-of-plane nominal stress-strain response for the pyramidal structure is shown in
Figure 10. It can be observed that the structure exhibits typical characteristics of corrugated cellular
structures: a region of elastic response (I), peak strength (1) followed by a plastic region represented by
a drop in flow typical to Euler’s buckling of the struts (II). The graph ends with a hardening region
associated with core densification (III) [22].
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Analyzing the results presented in Table 3, it can be concluded that Ez decreases proportionally
with the increase in value of the radius of the perforation, the major reason being the resulting
slenderness of the cell’s strut.

Having the out-of-plane stiffness of the investigated structure defined and validated,
its performance has been compared with a selection of different core types, as shown in Figure 11.
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The pyramidal structure did not show better compressive stiffness performance as compared to
the other structures taken into consideration. Despite this, it is relevant to mention that the thickness
of the base material was 0.25 mm, significantly reduced from the other studied structures (e.g., 0.9 mm
for the carbon fiber/epoxy lattice core oblique and lattice core vertical developed by J. Xiong et al. [23]
and 0.635 for the titanium alloy structure presented by Queheillalt and Wadley [24]). The reduced
thickness of the parent material made the pyramidal structure more susceptible to buckling. However,
by taking into consideration a base material thickness to 0.35 mm and computing the new value
based on Equation (9), the stiffness of the structure became 42.36 MPa for a density of 175 kg·m−3,
marked in the rectangle on the graph. Through this configuration, the novel structure reached half
the stiffness value compared to that of the pyramidal lattice C developed by Ming Li et al. [25] with a
significantly higher density. The possibility of maintaining/increasing the stiffness while reducing the
structure’s density could be obtained by further applying both perforating and embossing operations
on the struts in order to increase their second moment of inertia or by replacing the stainless steel with
a low density material (e.g., aluminum).

The out-of-plane strength as a function of core density is illustrated in Figure 12. The highest
performance with respect to strength has been registered for the C1 configuration with a maximum
stress of 0.33 MPa. As a result, the newly developed structure is ranked above the lattice core oblique
corrugation with a value of 0.32 and the 3D corrugated C presented by Jian Xiong et al. [26] but at a
higher density.
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If the material thickness used for the C1 configuration is increased from 0.25 mm to 0.35 mm,
this brings the investigated structure to a compression strength of 0.92 MPa with a density of 175 kg·m−3.
Perforating and embossing operations on the struts may be a solution for increasing compressive
strength performance.

The value of the internal angle A has been considered to be a function of the radius R (Table 1).
This assumption turned out to be a limitation with respect to the performance of the structure
(both stiffness and strength) because to increase the angle A, one needs to increase the value of R,
which results in a slender strut. Further investigations should consider the angle A independent from
the radius R.

In the current study, the mechanical behavior of the structure was linked to the characteristics of the
material the structure was made of. Therefore, for different values of E and G (longitudinal and transversal
stiffness moduli), the structural behavior will change accordingly. Furthermore, the developed model
has been proven to work for the investigated geometry. If a bigger or a smaller scale are considered,
additional effects might have to be investigated. Temperature effects are also not taken into consideration
within this study, but it is a topic of interest for further investigations. In particular, the behavior of the
adhesive should be considered if the temperature varies significantly.

8. Conclusions

The main purpose of this research was to evaluate the mechanical properties of a novel pyramidal
cellular core obtained through a mechanical expansion process for the construction of sandwich
panels. A theoretical model has been developed to define the out-of-plane compressive behavior.
Expressions for computing the maximum strength, and stiffness were defined with the help of the
developed analytical model which was validated through experimental testing.

The following conclusions can be drawn regarding the proposed pyramidal structure:

• The present pyramidal cellular core has the potential to compete with other cellular core concepts
• A decreased internal angle A increases both the out-of-plane stiffness and out-of-plane strength,

but increases the core density
• Increased overall structural performance (both stiffness and strength) may be achieved by

considering the angle A independent from the radius R.
• The specific stiffness and strength behavior can be improved by using low-density materials or by

increasing the second moment of inertia of the struts, for example through embossing operations.
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A B S T R A C T

The impact performance of lightweight structures represents an important design criterion in modern applica-
tions. Within this framework, the self-reinforced PET (poly-ethylene terephthalate) materials prove to exhibit
large deformations till failure, which enables them to be proper candidates for impact energy absorption. Apart
from the advantages offered by the lightweight characteristics, they are made of recyclable materials, an ad-
ditional reason for their consideration in engineering applications. In this paper, the behavior of a hierarchical
sandwich structure made out of self-reinforced PET (matrix & fibre) combined with PET foam is numerically
investigated with respect to the specific energy absorption (SEA) capacity in out-of-plane quasi-static loading
conditions. The numerical model of the structure is developed and its behavior is firstly validated through
experimental tests. The specific energy absorption is further on determined for several geometric configurations
of the hierarchical sandwich structure and compared with the behavior of other cellular structures found in the
technical literature. A competitive behavior is observed with respect to impact energy absorption.

1. Introduction

Apart from high strength and stiffness to weight ratios, the specific
energy absorption (SEA) capacity of lightweight structures and, more
specifically, of sandwich structures represents a major interest from an
impact protection perspective [1–3]. Several constructive solutions
were proposed in order to reach higher SEA performance criteria. In
general, the cellular cores of the sandwich structures are the compo-
nents that count when it comes to impact performance. Whether these
cellular structures are made of metallic materials [4–6], CFRP [7–10] or
a combination of several materials [8,11,12] formed into simple
[13,14] or complex shapes [15–22], it is always a matter of finding the
proper type and arrangement of material(s) that offer the highest ab-
sorbed impact energy to weight ratio. A consistent review with respect
to the SEA performance of thin-walled tubes having different cross
sections, filled or not with stochastic foams, is done by Baroutaji et al.
[23]. A critical review done by Barthelat [24] emphasizes the benefits
of using the so called architectured materials with respect to impact
energy absorption.

Recently, the self-reinforced poly-ethylene terephthalate (SrPET)
material [25–27] has been investigated and used for manufacturing
different cellular topologies for sandwich structures [28,29]. Kaze-
mahvazi et al. [30] and Schneider et al. [31] proved that these

materials pose higher ductility compared to conventional glass and
carbon reinforced plastics, which make them appropriate for impact
protection applications [32], apart from the obtained lower life cycle
environmental impact [33].

An all-PET 2nd order hierarchical sandwich structure has been
previously proposed [29] based on a simple manufacturing route (i.e.
folding of a single sheet of material which has monolithic and sandwich
sections distributed in an alternate way). This structure is herein in-
vestigated based on a validated FE model, with respect to the specific
energy absorption under quasi-static loading conditions, for several
geometric configurations. A comparison of the specific energy absorp-
tion for the investigated structure is made with the state of the art
cellular structures found in the literature.

2. The shape and constituent materials of the structures

The investigated second order hierarchical sandwich structure is
obtained through a continuous flow of operations described in detail by
Velea et al. [29]. Essentially, the structure is obtained by folding an
already consolidated plate which contains alternate monolithic and
sandwich sections (Fig. 1). The 2nd order sandwich hierarchy results
without adding other plates as face sheets, this being an important
advantage of the proposed manufacturing method. A mechanical inter-
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locking results at the end of the sandwich struts, due to the folding
procedure, which excludes the classical in-plane interface between the
face sheets and the core structure in general. The structure is made out
of poly-ethylene terephthalate matrix reinforced with poly-ethylene
terephthalate fibres (SrPET) and poly-ethylene terephthalate foam
(PET), Figs. 2 and 3.

Details on the SrPET material characteristics were previously pub-
lished by Schneider et al. [25,34]. The foam used for creating the
specimens is an ArmaForm PET AC with a density of 100 kgm−3 [35].
The connection of the sandwich struts elements is made by the local

melting, pressing and cooling of the PET, guided through the alignment
of the monolithic elements, without adding other joining material.

3. Numerical investigation

The numerical investigation is performed based on a validated FE
model developed in Abaqus commercial software in order to extract the
force - displacement curve in out-of-plane compression quasi-static
loading conditions for 10 geometric configurations. Based on these re-
sults and by following the resulted deformation modes, an evaluation of
the absorbed energy capacity can be performed.

3.1. Geometry and mesh type

The geometric configurations investigated numerically are shown in
Table 1, where the corrugation angle ω is kept constant at 60°, as well
as the width of the specimens, w =40mm.

The layers of SrPET material are modelled as shells while the PET
foam is modelled as solid, Fig. 4. 8-node linear solid elements, type
C3D8R, with reduced integration and hourglass control are used for the
discretization of the foam geometry (Fig. 5). The shell geometry is
meshed with 4-node linear elements, type S4R, also with reduced in-
tegration and hourglass control (Fig. 5).

3.2. Boundary conditions, interactions and constraints

The bottom and side surfaces of the unit cell are constrained, as
shown in Fig. 6, in order to avoid the edge effects. An imposed dis-
placement is applied on point A, Fig. 6, which is connected by means of
a kinematic coupling constraint to the top surface of the structure.
Along the simulation history, the reaction force is recorded on the same
point A. The imposed displacement δ is calculated, for each geometric

sandwich structure elements

monolithic elements

2 order hierachical sandwich structure

PET foam

SrPET  material

Fig. 1. Manufacturing principle of the 2nd order hierarchical sandwich structure.

Fig. 2. The unit cell of the investigated all-PET 2nd order hierarchical sandwich
structure and its geometric parameters [29]. The dotted area represents the PET
structural foam. Geometric parameters: l1 – length of the sandwich section, l2 –
length of the monolithic section, h – height of the sandwich unit cell, tc –
thickness of the PET foam, tf – thickness of the face sheets, ω – folding angle.

Fig. 3. (a) The all-PET 2nd order hierarchical sandwich structure (b) Cross section within the joining area – no additional material is used for the joining procedure;
the joint is done by locally melting the PET on the face sheets, pressing and cooling [29].
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configuration, in order to obtain ε= δ/h =0.1, where h represents the
initial height of the structure.

The foam (solid elements) is connected to the SrPET face sheet (shell
elements) through a tie constraint, Fig. 6. A self-contact is defined by
using the surface to surface discretization method [36] in order to avoid
penetration of the surfaces during the out of plane compression of the
structure (see Fig. 6).

3.3. Materials’ properties

The elastic and plastic material data considered in the numerical
model for the SrPET material are shown in Fig. 7 and they are estab-
lished according to the measurements published by Schneider et al.
[25] and by Kazemahvazi et al. [34].

The data describing the elastic and plastic material behavior for the
PET foam material is shown in Fig. 8 and it is based on the producer's
technical sheet [35] correlated with the experiments carried out by
Costas et al. [12].

3.4. Validation of the FE model

The developed FE model is validated by comparing the experi-
mentally obtained stress-strain curves for the geometric configurations
I, II, III and IV (see Table 1) and the corresponding analytical solution,
both obtained by Velea et al. [29], with the ones numerically obtained
herein, from Figs. 9–12. Based on the numerically obtained force-dis-
placement curves, the stress σ is obtained by dividing the measured
force F to the area of the unit cell (w ∙ l2), while the strain ε is given by
the δ/h ratio, where δ represents the imposed displacement and h is the
initial height of the unit cell (see Fig. 4), similar to Harris et al. in [37].

Fig. 9 shows that, for case I, the peak strength is twice compared to
the numerical and analytical results, the latter two being very close in
value (3% difference). This major difference between the experiments
and both the numerical and analytical solutions can be explained by a
high sensitivity on the manufacturing method of the specimens (i.e.

Table 1
The investigated geometric configurations.

Configuration tf [mm] tc [mm] l1 [mm] l2 [mm] h [mm] ρ [kg m−3]

I 0.45 7.1 24 25.8 23.64 232
II 0.9 6.2 25 27.6 25.94 346
III 0.45 7.1 81 80.8 70.99 23
IV 0.9 6.2 82 84.6 75.31 41
V 0.45 4.2 34 34.8 31.16 75
VI 0.9 8.5 35 36.6 33.74 254
VII 0.45 4.2 56 56.8 50.21 29
VIII 0.9 8.5 57 58.6 52.79 105
IX 0.45 4.2 100 96.8 84.85 10
X 0.9 8.5 97 98.6 87.43 39

Foam 

geome

– solid 

etry

l2 

SrPET - S

w

h

Shell geometryy

Fig. 4. Type of geometry of the components (foamPET and SrPET).

Fig. 5. Discretization of the geometry with finite elements.

U1=U2=

Tie

Self-conta

U2=δ

=U3=UR1=UR

A

act 

δ, U3=UR2=UR

R2=UR3=0 

R3=0, U1=URR1=free 

Fig. 6. The applied boundary conditions and constraints.

E = 4020 MPa 

ν = 0.29 

ρ= 1380 [Kg m-3] 

Fig. 7. Plastic material behavior of the SrPET material considered within the FE
model.

E = 40 MPa 

ν = 0.1 

ρ= 100 [Kg m-3] 

Fig. 8. Plastic material behavior of the PET foam considered within the FE
model.
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band saw cutting, at moderate speed, in order not to melt de PET under
friction) where the foam suffered at the edges a premature crack at the
interface with the SrPET face sheet. In addition, as shown in [29], the
failure mode for this geometric case was the local buckling which is
initiated by the above mentioned premature crack. However, since both
analytical and numerical results are close to each other, it is expected
that an ideal manufactured sample will have a similar experimental

behavior. In terms of stiffness, a slightly higher value is obtained nu-
merically, as expected. The post-failure region of the numerical model
is comparable with the experimental curve.

When looking at case III, Fig. 10, the maximum strength is very well
predicted by the numerical model compared to the experiments. The
analytical solution is a bit higher but still within acceptable limits (1%
difference). The numerical estimated stiffness is slightly lower

I

Experiment Numeric 

Fig. 9. The obtained numerical results compared with the experimental results and analytical calculations [29] for case I (Table 1).

III

Experiment Numeric 

Fig. 10. The obtained numerical results compared with the experimental results and analytical calculations [29] for case III (Table 1).

II

Experiment Numeric 

Fig. 11. The obtained numerical results compared with the experimental results and analytical calculations [29] for case II (Table 1).

IV

Experiment Numeric 

Fig. 12. The obtained numerical results compared with the experimental results and analytical calculations [29] for geometric configurations IV (Table 1).
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compared to the experiments. The post-failure region of the numerical
model fits very well the experimental curve. The failure of the core is
initiated by local buckling.

Fig. 11 shows that pretty scattered solutions are obtained for case II,
for the maximum strength point of view. We certainly have the same

influence of the manufacturing method, similar to case I, that gives a
difference of approximately 45% between the experimental and nu-
merical results. However, the difference is not as big as in the case I
because the thickness of the SrPET material is doubled (0.9 mm instead
of 0.45mm) which increased the stiffness of the strut and therefore
being more stable when cutting the specimens. The analytically ob-
tained value is however close to the numerical one (15% difference).
The structure fails, in this case, by shear buckling.

For case IV, Fig. 12, there is an almost perfect correlation between
the numerical, analytical and experimental results. The observed failure
mode is shear buckling followed by general buckling.

It is therefore concluded that the FE model predicts very well the
experimental behavior for case II and IV; these results are also
strengthened by the analytical results. Differences exist for cases I and
III, at higher l1/tc ratios, where the structure is denser and where there
is a major influence of the manufacturing method on its experimental
assessed behavior.

Based on the validated FE models for geometric cases I, II, III, and
IV, additional geometric cases V to X, Table 1, have been investigated in
quasi-static loading conditions in order to extract the force - displace-
ment curve, Fig. 13.

By having the force - displacement data, and by taking into con-
sideration the size of the specimens, Table 1, for each investigated case,
the Stress - Strain relationship is reached, Fig. 14.

The corresponding deformed shapes of the geometric configurations
V, VI, VII, VIII, IX and X, at ε=0.1 are shown in Fig. 15.

Fig. 13. Force - displacement curve for the investigated geometric configura-
tions.

Fig. 14. Strain - Stress curve for the investigated geometric configurations.

IX 

VIIIVII 

VIV

X

Fig. 15. The deformed shapes of the structures (V to X) for ε=0.1.

Fig. 16. The resulted Em in terms of the geometric parameters of the in-
vestigated structure.

Fig. 17. Comparison of the specific energy absorption Em for different proposed
cellular structures for ε=0.1.

M.N. Velea, S. Lache Thin-Walled Structures 138 (2019) 117–123

121



4. Specific energy absorption

Several quantitative criteria exist for the evaluation of the energy
absorption capacity [1,38]. One of the most used refers to the de-
termination of the specific energy absorption capacity Em [KJ/Kg],
which is the absorbed energy per unit mass. Thus, the specific energy
absorption capacity of a structure is calculated as the ratio between the
absorbed energy Eabs and its mass m, Eq. (1).

= =E SEA E
m

,m
abs

(1)

where,

∫=E F δ dδ( ) ,abs
δ

0

max

(2)

with: m – mass of the structure; F – measured force; δ – crushing dis-
tance

It is known that higher values for the reaction forces are obtained at
higher strain rates when compared to a quasi-static loading [15,39,40],
meaning that higher SEA capacity results as the strain rate is increasing.
Therefore, the current SEA estimation, based on quasi-static-loading
conditions, allows obtaining the lower boundary for the energy ab-
sorption capacity.

The energy absorption Eabs and the corresponding specific energy
absorption Em is calculated herein for ε=0.1. This condition results
from the need of a comparison base between the investigated geometric
cases (see Fig. 13, where the compression depth differs from one geo-
metric case to the other) and the other types of cellular structures from
the technical literature. Fig. 16 shows that, for the investigated hier-
archical sandwich structure, the specific energy absorption Em increases
while the l1/tc ratio decreases. For the same tc/tf ratio, the specific en-
ergy absorption Em increases twice for the case I (232 kgm−3) com-
pared to the case III (23 kgm−3). The same behavior is similar for the
case II (346 kgm−3) compared to the case IV (41 kgm−3), which in-
dicates, as expected, an increase of the Em values with the density. The
value of the Em doubles while the density of the structure is ten times
increased. Another observation is that the Em is increasing by 20%
while doubling the thickness tf of the face sheets.

Fig. 17 shows a comparison of the specific energy absorption Em
obtained for the investigated structure with the one of different types of
structures found in the literature, in terms of structures’ density. For the
same specific energy absorption (aprox. 1 kJ/kg), the density of the all-
PET 2nd order hierarchical sandwich structure is five times lower
compared to the one of the lattice structures made by steel through
additive manufacturing [22] and seven times lower when compared to
the micro-trusses made out of Nichrome alloy [21]. It can also be ob-
served that, for the same density value (~40 kgm−3), the all-PET 2nd
order hierarchical sandwich structure can reach a three times higher
specific energy absorption capacity compared to the lattice structures
made out of CFRP [10]. However, a better behavior at the same weight
is observed for a hybrid structure that contains Aluminum, PET foam
and GFRP reinforcements [11] and for a type of pyramidal structure
made out of CFRP [8].

5. Conclusions

Based on a validated numerical model, a parametric study was done
in order to investigate the specific energy absorption in quasi-static
loading conditions for a hierarchical sandwich structure. The in-
vestigated all-PET 2nd order hierarchical sandwich structure proves to
be a competitive constructive solution with respect to energy absorp-
tion capacity when compared to other existing cellular configurations
which are made through more complicated manufacturing routes. The
herein proved characteristics are coming both from the ductile behavior
of the SrPET material, combined with the PET foam, and from the
geometric arrangement of the investigated cellular structure. This

competitive behavior represents an added value for the investigated
2nd order hierarchical sandwich structure in addition to the already
proved advantages, such as mechanical performance in out-of-plane
compression and a lower life cycle environmental impact through a
high degree of recyclability.
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One typical way to obtain higher stiffness and strength to weight ratios within structural applications is to use
sandwich structures containing lightweight cellular cores. In this study a novel second order hierarchical sand-
wich structure and its manufacturing principle are described. The whole hierarchical structure is made of a
fully recyclable material – different forms of poly-ethylene terephthalate (PET): PET matrix, reinforced with
PET fibres (Self reinforced - SrPET) and PET foam resulting in a recyclable structure. The manufacturing path is
developed such that it can be implemented within a continuous production line. Out-of-plane compression
test are carried out in order to determine the stiffness and strength properties of the proposed structure. An an-
alytical model is developed for evaluating the out-of-plane stiffness and strength properties and used for inves-
tigating the influence of the geometric parameters on the structural performance of the proposed hierarchical
sandwich structure.

© 2016 Elsevier Ltd. All rights reserved.
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1. Introduction

Oneway to reduce the vehicles' parts weight is to usematerials that
provide higher specific stiffness and strength to weight ratios. There-
fore, material (re)selection represents an important weight optimiza-
tion criterion and composite materials having improved mechanical
properties are usually searched [1]. However, apart from material
type, shape criterion is also important and it may represent an added
advantage [2,3]. An example of a near optimal use of material is given
by the sandwich concept [22]where the bending stiffness of the struc-
ture is increased by placing a lightweight and thicker core between
two thin and stiff face sheets while the weight is negligibly increased.
The continuing research on improving the overall mechanical perfor-
mance of sandwich structures focuses also on developing novel core
configurations, made of composite materials, in order to gain an im-
proved mechanical behaviour of the core. Examples of such efforts in-
clude composite corrugated cores [21], square honeycomb cores [23],
rhombic and kagome honeycombs [24], pyramidal lattice truss cores
[13,19,25–28] or novel expanded cores [29,30]. Although many of
these structures provide competitive weight specific strength and stiff-
ness, their main drawback is related to manufacturing steps which are
often complicated and difficult to be integrated within a continuous

production line. The more recent development of additive manufactur-
ing technologies allows generating complicated and efficient cellular
shapes but on a limited scale yet [7,20].The hierarchical sandwich con-
cept has been introduced as a solution to increase the in-plane shear
and the out of plane compression performance [9–11,15,31]. The up to
date developed hierarchical sandwich structures are obtained by as-
sembling at least three separate components through a specific joining
method, the contact area being placed within geometric planes that
are parallel to the middle surface of the structure. This configuration
leads to a disadvantageous way of transferring loads between compo-
nents because the in-plane shear behaviour of the structure is influ-
enced by the shear properties of the joint.

Moreover, the recycling capability represents another important
issue which is currently difficult to deal with as typical hierarchical
sandwich structures consist of several different materials.

This article presents a novel constructive solution for corrugated sec-
ond order hierarchical sandwich structures made of self-reinforced
thermoplastic composites and a thermoplastic structural foam core
resulting in a recyclable structure. A manufacturing process for hierar-
chical sandwich structures suitable for continuous line production is
presented. The proposed manufacturing process can be used for mate-
rials that can suffer plastic deformations at room temperature or
under heat influence. The stiffness properties in out-of-plane compres-
sion of the proposed hierarchical sandwich structure are determined
experimentally. A theoretical model is further on used in order to
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study the influence of the geometric configuration on the structural per-
formance of the proposed structure.

2. Design and fabrication

2.1. Manufacturing principle

The second order hierarchical sandwich structure is obtained
through a continuous flow of operations described further on, related
to Fig. 1:

The process starts with the first phase (A) from a single sheet mate-
rial which contains monolithic (1) and sandwich sections (2) arranged
in an alternative way; the folding begins within the second phase
(B) where the sandwich sections (2) are rotated along their edges
with an angle equal to 90 + ω-α. The joining (4) of the sandwich sec-
tions is made within phase (C) through the contact areas (3) which
are placed perpendicular to the neutral plane of the structure and
which are obtained by the definition of the α and β angles in terms of
the desired final angle ω and of the sandwich sections length l2.

2.2. Constituent materials

The materials used in this study for the hierarchical corrugated
folded structure are poly-ethylene terephthalate matrix reinforced
with poly-ethylene terephthalatefibres (SrPET) and poly-ethylene tere-
phthalate foam (PET).The SrPET compositematerial proves to be a good
alternative with respect to lightweight design but also considering its
lower life cycle environmental impact [17] an high impact energy ab-
sorption capacity [32].

The used SrPET composite consists of a low melting temperature
matrix PET (termed LPET) and a high tenacity PET (termed HTPET) as
fibrematerial. The LPET is chemicallymodified tomelt at approximately
170 °C whereas the HTPET melts at 260 °C. During consolidation, the
temperature should be as high enough to melt the LPET and wet the fi-
bres but not too high so that the HTPET fibres degrade and lose their re-
inforcing properties. A previous study showed that laminates with good
mechanical properties can be consolidated at 220 °C for 20min under a
pressure of 1.5 bar above ambient pressure [33].The SrPETmaterial used
in this study is a commingled balanced 2/2 twill fabric with an areal
weight of 0.75 kg m−2 and 50% reinforcement fibres measured by
weight (supplied by Comfil®APS [19]). Using the abovementioned pro-
cess parameters, one layer of woven fabric results in a lamina with a
thickness of 0.45 mm and a material density of 1380 k gm−3.

The compression modulus and ultimate compression strength for
the SrPET composite is 5.3 ± 0.2G Pa and 94.7 ± 0.7 MPa, respectively.
A material yield point is observed at 35 MPa after which the stiffness of
the material reduces and results in softening. For details on test proce-
dures and specimens dimension readers are referred to previous work
performed by Schneider et al. [12,33].

The foam used is an ArmaForm PET ACwith a density of 100 kg m−-

3.According to themanufacturer reference, the compressionmodulus is
105 MPa, the shear modulus is 25 MPa while the compression strength
is 1.5 MPa and the shear strength is 0.9 MPa [4].

No additional materials are used for joining.

2.3. Manufacturing steps for the unfolded structure

A hot-press is used for consolidating the fabric and at the same time
joining it with the foam, thus the unfolded plate containing the alterna-
tivemonolithic and sandwich sections results. Firstly, the bottomalumi-
num profiles (see Fig. 3) are arranged parallel to each other at a specific
offset in suchway to allow the profiled PET foamand the layer(s) of fab-
ric to fit in between. Secondly, the top aluminum profiles are aligned
correspondingly, beingguided by the edges of the profiled foamcovered

Fig. 1. Schematic illustration of the manufacturing principle for the second order hierarchical sandwich structure.

Fig. 2. Unit cell and its geometric parameters. The dotted area is representing the
structural foam.
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with the fabric. A release film is used between the aluminum profiles
and the fabric. The previously described package is placed in the hot-
press where it is heated up to 220 °C within a heating rate of
20 °C min−1, it is hold at 220 °C under a pressure of 1.5 bar above the
ambient pressure for 20 min and cooled to room temperature. The re-
sulted consolidated plate is extracted from the hot-press; cross-
section within the resulted consolidated plate with alternative mono-
lithic and sandwich sections is presented within Fig. 4.

Different values for the geometric parameters l1 and l2 are possible to
be obtained by arranging the aluminum profiles having the same shape
and same cross-section as shown within Fig. 5.

2.4. Folding process and the resulted structure

The resulted second order hierarchical corrugated sandwich struc-
ture results by simply folding the consolidated plate described in

Fig. 3. (a) Schematic illustration for the manufacturing of the unfolded structure; (b) positioning the foam profiles and the fabric between the aluminum profiles; (c) consolidated plate
with alternative monolithic and sandwich sections.

Fig. 4. Cross-section within the resulted consolidated plate with alternative monolithic and sandwich sections.
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Section 2.3. Starting from the consolidated plate (see Fig. 6), the folding
edges are locally heated until the PET matrix is softened. The sandwich
sections are then bended around the folding lines until they close the
triangle and form the unit cell. The joining between the folded sections
is formed with no additional material (see Fig. 6), just by means of the
melted PET matrix.

Fig. 7(a) illustrates the resulted hierarchical sandwich structure after
the folding process is finished. Amore detailed image of the joining area
is given in Fig. 7(b). Apart from the material joining, there is a mechan-
ical interlocking between the sandwich sections that contributes on a
better load transfer within the structure. In terms of a specific applica-
tion, the resulted structure might be used as it is, meaning that the
thickness of the monolithic sections can play the role of the
structural face sheets or, if required, additional structural face sheets
can be added.

2.5. Unit-cell geometry

The parameterized topology of the unit cell is shown in Fig. 2,where:
l1 – length of the sandwich section, l2 – length of themonolithic section,
h – height of the sandwich unit cell, tc – thickness of the foam, tf – thick-
ness of the face sheets, ω – folding angle.

The relative density of the sandwich ρr is defined with:

ρr ¼
l1 tc þ 2t f þ 4t f cosω
� �þ 4t f 2

t f þ l1 cosω
� �

4t f þ l1 sinω
� � : ð1Þ

The density of the structure, including themonolithic elements (e.g.
face sheets), can be derived further on by:

ρ ¼ ρr ρsolid
Vsolid

Vstructure
þ ρfoam

Vfoam

Vstructure

� �
ð2Þ

where

ρsolid – represents the density of the solid material
ρfoam– represents the density of the foam.

Vsolid = (4tf(l1 + l2) + tc(tf/2cosω + tf/2sinω))b; Vfoam = 2 l1 tcb;
Vstructure= bhl2, where b is the unit cell width and V comes from Volume.

3. Experimental setup

The out-of-plane compression properties are evaluated through ex-
perimental tests using a hydraulic Walter + Bai testing machine with a
load cell of 63 kN. The tests were displacement driven with a constant
crosshead speed of 2 mm min−1.

The experimental investigation is done on unit cells. However, in
order to avoid the edge effects, each specimen is glued using epoxy
based glue - Araldite®- on ametal block having a U shape thus simulat-
ing the continuity of the structure (see Fig. 8).

The effective elastic modulus Ez and the ultimate strength σz are de-
termined based on the measured reaction force correlated with the im-
posed displacement and the specimens' geometric dimensions.

Four geometric configurations were tested by varying the value of
foam thickness tf and length l1, (see Table 1). These configurations
were possible to be made with the same shape for the aluminum pro-
files as shown in Fig. 5. Three specimens have been tested for each geo-
metric configuration.

Fig. 6. Folding the consolidated laminate with foam inserts to a hierarchical sandwich
structure.

Fig. 5. (a) Single aluminum profile – l2; (a) grouped aluminum profiles – 3l2.

Fig. 7. (a) The resulted hierarchical sandwich structure. (b) Cross section within the joining area.
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4. Theoretical study

4.1. Stiffness

The effective compressive elastic modulus is theoretically obtained
by means of an analytical model based on elementary sandwich beam
theory. Similar investigations were carried by Kazemahvazi et al. [10]
for corrugated cores and by Yin et al. [31] for pyramidal coreswith sand-
wich core members.

Assuming an unit imposed displacement δz applied on the unit cell a
total reaction force Fz results (see Fig. 9). Due to the structures' symme-
try the analytical model can be built by analysing the deformation of a
single sandwich strut. When looking at the right hand side sandwich
strut the reaction force Fz can be decomposed in the two components:
FN – representing the force acting along the sandwich strut and FT –
representing the force acting perpendicular to the sandwich strut,
where Fz = FNsinω + FTcosω.

Based on the sandwich beam theory [22], the resulted forces FN and
FT may be calculated according to Eqs. (3) and (4):

FT ¼ δT
l31
3D

þ l1
S

ð3Þ

FN ¼ AδN
l1

ð4Þ

where:

δN = δzsinω ;δT = δzcosω
A=2tfEf, represents the extensional stiffness
D ¼ E f t f ðtcþt f Þ2

2 , represents the bending stiffness
S ¼ Gcðtcþt f Þ2

tc
, represents the shear stiffness

l1 represents the length of the strut (see Fig. 2).
The nominal stress that occurs within the investigated structure is

σ z ¼ Fz
2l1 cosω

: ð5Þ

The nominal strain within the structure is defined as:

εz ¼ δz
h
: ð6Þ

Fig. 8. Specimen used for mechanical testing in out of plane compression.

Fig. 9. Unit cell under out-of-plane compression loading.

Fig. 10. Out-of-plane compression stress –compression strain response fort he
investigated geometric configurations I and III, Table 1.

Fig. 11. Out-of-plane compression stress – compression strain response for the
investigated geometric configurations II and IV (see Table 1).
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The effective elastic modulus in out of plane compression Ez is de-
fined as:

Ez ¼ σ z

εz
: ð7Þ

Eventually, from Eqs. (3)–(6), Ez becomes:

Ez ¼

sin ω
cosω2

2l31
3E f t f tc þ t f

� �2 þ l1tc

Gc tc þ t f
� �2

þ 2E f t f sinω2

l1

0
BBBB@

1
CCCCA

cos ω
: ð8Þ

4.2. Strength

The out-of-plane compressive strength of the hierarchical sandwich
structuremade of self-reinforced polymers is determined here based on
the previous work of Yin et al. [31,34] and Kazemahvazi et al. [10]. Four
failure modes are considered when calculating the theoretical strength:
local buckling, general buckling, core shear buckling and shear failure of
the core.

4.2.1. Local buckling
The face sheets of the sandwich core element can buckle when they

are relatively thinner due to the existing in-plane loads. When such a
failure mode occurs, the out-of-plane strength of the structure can be
determined through Eq. (9):

σ z ¼

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
E f EcGc

3
p

t f sin ω
cosω2

l21 sinω
2

3 tc þ t f
� �2 þ tc

Gc tc þ t f
� �2

þ 1

0
BBBB@

1
CCCCA

cos ω l1 þ 2t f
� � : ð9Þ

4.2.2. General buckling of sandwich struts
For longer sandwich struts and lower core thicknesses, the expected

failure mode is general buckling. The compressive strength of the hier-
archical structure is therefore determined by Eq. (10):

σ z ¼

2E f π2t f sin ω tc þ t f
� �2 cosω2

l21 sinω
2

3 tc þ t f
� �2 þ tc

Gc tc þ t f
� �2

þ 1

0
BBBB@

1
CCCCA

l21 cos ω l1 þ 2t f
� � : ð10Þ

4.2.3. Core shear buckling
The compressive strength of the hierarchical structure in case when

the shear buckling failure of the sandwich struts occur can be deter-
mined by Eq. (11):

σ z ¼

Gctc tan ω
cosω2

l21 sinω
2

3 tc þ t f
� �2 þ tc

Gc tc þ t f
� �2

þ 1

0
BBBB@

1
CCCCA

l1 þ 2t f
: ð11Þ

4.2.4. Shear failure of core
This failuremode occurswhen the shear stress in the core equals the

shear strength of the corematerial [10]. The compressive strength of the

Fig. 12. Influence of the out-of-plane compression stiffness of the ω angle and tc/l1 ratio.

Fig. 13. Stiffness properties as a function of structures' density. Fig. 14. Strength properties as a function of structures' density.

318 M.N. Velea et al. / Materials and Design 102 (2016) 313–320



hierarchical structure can be calculated using Eq. (12):

σ z ¼

τctc tc �
Gcl

2
1 cosω2 � 1
� �

3
Gc cosω2 tc þ t f

� �2 þ 1

0
BB@

1
CCA

l1 þ 2t f
: ð12Þ

5. Results

Fig. 10 shows the experimental compressive stress-strain response
for the configuration I and III where tf = 0.45 mm, Table 1; this value
for tf corresponds to a single layer of SrPET material. As expected,
lower values for the tc/l1 ratio will provide higher ultimate strength,
2.9 MPa vs. 1.6 MPa. However, the resulted specific strength indicates
approximately the same performance for both I and III geometric con-
figurations, see Table 2. Local buckling failure mode is found when test-
ing both configuration I and III. The determined out-of-plane
compression stiffness values Ez indicates a more than two times in-
crease for configuration I with respect to configuration III. However,
this ratio is inversed when it comes to the specific stiffness, and it has
a value of 3.8 (see Table 2), meaning that a higher stiffness performance
with respect to weight is offered by configuration III.

The experimental results obtained for the investigated geometric
configurations II and IV where tf = 0.9mmare presented within
Fig. 11.The strength behaviour is similar with the one for configurations
I and III only that the recorded magnitudes are higher for II and IV
(6.5 MPa and 2.2 MPa respectively), as expected. The shear buckling
failure mode is found for both configurations II and IV. However, for a
lower tc/l1 ratio, the general buckling of the sandwich strut was re-
corded as a post-failure mode (see Fig. 11).

The obtained stiffness is approximately two times higher for config-
uration II compared to configuration IV. When it comes to the weight
specific stiffness, the value is four times higher for the configuration IV
compared to configuration II, see Table 2.

Fig. 12 illustrates, based on the developed analytical model, the way
the out-off plane stiffness is influenced by ω angle and by the tc/l1 ratio,
where tc=8-2tfwith tf=0.45 forgeometric configurations I and III and
tf = 0.9 mm for geometric configurations II and IV (see Fig. 10).As ex-
pected, Ez is increasing with the increase of ω angle. Moreover, higher
values for the tc/l1 provide higher stiffness properties but also higher
densities.

A good agreement was found between the analytical model and the
experimental results for geometric configurations III and IV (longer
sandwich core elements). However, differences were found between
the analytical model and the experimental results for geometric config-
urations I and II, mainly due to manufacturing of the specimens with
higher tc/l1 ratios (shorter sandwich core elements). One issue is the
misalignment of folding edges during the folding processwhichwas dif-
ficult to control for higher tc/l1 ratios. The misalignment is causing a not
evendistribution of the loadon the sandwich struts during testing of the
specimens. Another issue is related to the obtainedɷ angle for the spec-
imens that vary from 55° to 60°. Apart from the geometric imperfec-
tions, material imperfections also occur with an important
contribution to the structure's behaviour: the foam core degrades dur-
ing manufacturing and the resulted bonding is not perfect at the sides
which can initiate a premature failure.

6. Discussion

The out-of-plane stiffness of the investigated structure is compared
as function of density with several cellular structures in Fig. 13. The in-
vestigated configurations III and IV shows a higher stiffness compared
with the commercially available foam structures [5,6,8]and also with
the pyramidal cores made of Titanium alloy [18] and carbon fibre com-
posite [25] at similar densities. However, another pyramidal carbon
fibre composite structure proposed by Li, M. et al. [16] indicates a signif-
icantly higher stiffness at approximately the same density. The configu-
rations I and II reach higher stiffness values but also higher densities.

The out-of-plane strength of the investigated structure is compared
as function of density with several cellular structures in Fig. 14. At lower
densities, configuration III and IV indicates higher strength than the Ti-
tanium lattice structures [18] and similar strength compared to the tet-
rahedral structure made from aluminum [14]. Higher strength
performance is found at lower densities comparedwith the commercial
foam structures [5,6,8]. As expected, a better strength behavior is found
for the hierarchical concepts made out of SrPET compared to the pyra-
midal lattice structures made out of the same material [35]. A small in-
crease in strength is found at higher densities for configuration III and IV
resulting in a worse strength performance compared to the other type
of structures.

Table 1
Geometric configurations investigated experimentally.

Configuration tf [mm] l1 [mm] tc [mm] ρr [−] ρ [kg m−3]

I 0.45 24 7.1 0.738 232
II 0.90 25 6.2 0.715 346
III 0.45 81 7.1 0.245 23
IV 0.90 82 6.2 0.259 41

Table 2
Stiffness and strength results.

Config Experimental results Analytical predictions

Ez [MPa] σz [MPa] /Failure mode Ez/ρ [MPa/kg m−3] σz/ρ [MPa/kg m−3] Ez [MPa] σz [MPa] /Failure mode

I 185 2.9/local buckling 0.79 0.012 236.9 6.2/local buckling
419/general buckling
10.3/shear buckling
24.6/core shear

II 271 6.5/shear buckling 0.78 0.019 455 11.4/local buckling
336/general buckling
8.3/shear buckling
20/core shear

III 70 1.6/local buckling 3.02 0.069 73 1.9/local buckling
11.8/general buckling
3.1/shear buckling
7.5/core shear

IV 141 2.2/shear buckling 3.42 0.054 142 3.7/local buckling
11/general buckling

2.6/shear buckling
6.4/core shear
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7. Conclusions

A novel second order hierarchical sandwich structure is proposed
and analysed and its continuously manufacturing process is described.
The whole structure is made of a single base material which is poly-
ethylene terephthalate – PET, but used in three distinct forms: matrix,
fibres and foam. These PET forms are arranged in a specific manner in
order to increase the structural performance of the structure. No addi-
tional materials are used, resulting in a fully recyclable structure. An an-
alytical model is developed based on which the effective out-of-plane
compression stiffness and strength are evaluated. For long sandwich
core elements (configurations III and IV) the model is correlated well
with the experiments. Due to manufacturing issues for structures with
shorter sandwich core elements (configurations I and II), the agreement
with the experiments is poor. However, the influence of the folding
angle and of the tc/l1 ratio to the out-of-plane compression stiffness of
the structure is consistent.

The experimental investigations indicate that the best performance
with respect to the weight specific stiffness is offered by configuration
IV. When it comes to weight specific strength, the best performance is
given by the geometric configuration III. It results that the investigated
structure is very competitive at lower densities.

As shown by other authors, the SrPET material is suitable for impact
energy absorption applications due to a high ductility characteristic; the
herein proposed arrangement of the material may be an added advan-
tage with respect to impact performance.
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a b s t r a c t

A novel manufacturing route to efficiently produce fibre composite lattice structures has been developed.
By using thermoplastic composite materials, flat sheets have been continuously folded, cut into a lattice
shape and joined into a sandwich structure. Carbon fibre reinforced poly-ethylene terephthalate (CPET)
and poly-ethylene terephthalate fibre reinforced poly-ethylene terephthalate (SrPET) materials have
been used to explore two different core options; a carbon fibre option which gives high performance
but low recyclability and a single polymer PET option which gives lower performance but full recyclabil-
ity. Parametric numerical simulations have been used to investigate how the various manufacturing
parameters affect the mechanical performance of the core. The carbon fibre composite cores have
mechanical performance on-par or better than existing metallic and composite lattice cores presented
in literature. Single polymer PET cores show better performance compared to high-end foam cores but
have considerable lower performance than carbon fibre lattice cores.

� 2014 Elsevier Ltd. All rights reserved.

1. Introduction

Usage of composite materials and sandwich structures have
become a common approach to reduce weight of structures in
the aerospace and, more recently, in the automotive industry.
While the relatively low-volume production of aerospace industry
has its main focus on performance and quality, the high volume
automotive industry puts more focus on manufacturing lead times
and costs. In addition, the automotive industry is currently operat-
ing under stringent legislation on CO2-emissions and recyclability
of materials. Thus, although composite materials and sandwich
structures can significantly contribute in reducing structural
weight and thereby in-service emissions, they still need to prove
themselves as ‘‘high volume manufacturing materials’’ with
recycling potential.

Numerous studies have focused on further enhancing the
weight specific mechanical properties of composite sandwich
structures by arranging the material in a more geometrically effi-
cient way. Such efforts include all-composite corrugated cores
[1,2], square honeycomb [3] cores and pyramidal lattice truss cores
[4–8]. Although many of these novel structures show exceptional

weight specific strength and stiffness, they are often complicated
to manufacture and more suitable for laboratory scale production.
There are currently a number of different routes to manufacture
composite lattice truss cores. Xiong et al. [7] used an approach
where small manually cut carbon fibre/epoxy pre-preg strips
where placed into a mould to create each of the four struts of a
pyramidal lattice truss. Yin et al. [9] used an approach where a cor-
rugated carbon fibre reinforced epoxy plate was manufactured in a
mould and then small strips were cut in the transverse direction of
the corrugation. The strips where subsequently assembled and
bonded together perpendicularly to form a pyramidal lattice truss
structure. George et al. [10] used a similar approach where small
strips were water-jet cut out from a flat carbon fibre reinforced
epoxy sheet in a corrugated type shape. These were then assem-
bled and bonded together perpendicularly in the same manner to
form a pyramidal lattice truss structure. Although these examples
of manufacturing methods for carbon fibre lattice truss cores are
innovative, they do not lend themselves for high volume and
low-cost production.

In the present paper fibre reinforced thermoplastic materials
are used to develop a novel continuous (and potentially high vol-
ume) manufacturing method for composite lattice truss structures.
The manufacturing process is reminiscent of that developed for
metal structures by Velea et al. [11,12]. Two different material
concepts are considered; Carbon fibre reinforced PET for high
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mechanical performance and PET fibre reinforced PET (self-rein-
forced composite) for low material cost and full recyclability.

The aims of the study are as follows.

1. Demonstrate a continuous and potential high volume manufac-
turing method to produce composite lattice truss cores.

2. Investigate how different geometrical parameters of the manu-
facturing method affect the mechanical properties of the core.

3. Investigate the potential of using a low-performance material
(self-reinforced PET) in a geometrically efficient design to
enhance overall structural performance.

The paper starts by describing the constituent materials and
provide an in-depth description of the novel manufacturing
method. This is followed by a summary of the results from the
experimental programme and a parametric investigation of prop-
erties using finite element analysis. The paper will be finalized
by comparing the performance of the novel lattice truss cores with
currently available commercial materials and selected lattice truss
structures available in literature.

2. Materials and manufacturing route

2.1. Description of constituent materials

Two different materials are used in this study; poly-ethylene
terephthalate fibre reinforced poly-ethylene terephthalate (SrPET)
and carbon fibre reinforced poly-ethylene terephthalate (CPET).

The SrPET composite consists of a low melting temperature
matrix PET (termed LPET) and a high tenacity PET (termed HTPET)
as fibre material. The melting temperature of the LPET is approxi-
mately 170 �C whereas the HTPET melts at 260 �C. During consol-
idation the temperature should be as high enough to melt the
LPET and wet the fibres but not too high so that the HTPET fibres
degrade and lose their reinforcing properties. A previous study
showed that laminates with good mechanical properties can be
consolidated at 220 �C for 20 min under a pressure of 1.5 bar [14].

The SrPET material used in this study is a commingled balanced
2/2 twill fabric with an areal weight of 0.75 kg m�2 and 50% rein-
forcement fibres measured by weight (supplied by Comfil�APS
[13]). Using the above mentioned process parameters, one layer
of woven fabric results in a lamina with a thickness of 0.5 mm
and a material density of 1380 kg m�3.

The second material is a carbon fibre composite where LPET
fibres are commingled with carbon fibres to produce yarns. The
commingled yarns are then woven into a balanced 2/2 twill fabric
with an areal weight of 0.50 kg m�2 and 54% carbon fibres mea-
sured by weight (supplied by Comfil�APS [13]). The fabric was con-
solidated using the same processing parameters as for the SrPET
composite. One layer of carbon fibre/LPET weave produces a lam-
ina with a thickness of 0.3 mm and a density of 1600 kg m�3.

2.2. Quasi-static response of the constituent materials

The quasi-static in-plane compression stress–strain histories for
the CPET and SrPET are presented in Fig. 1. For details on test pro-
cedures and specimens dimension readers are referred to previous
work performed by Schneider et al. [14]. The compression modulus
and ultimate compression strength for the SrPET composite is
5.3 ± 0.2 GPa and 94.7 ± 0.7 MPa respectively. A material yield
point is observed at 35 MPa after which the stiffness of the mate-
rial reduces and results in softening. For the CPET composite the
compressionmodulus is 48.9 ± 3 GPa and the compressive strength
285.3 ± 9 MPa. The strain-to-failure for the CPET is 0.7 ± 0.1%

whereas the more ductile SrPET show failure strains of more than
20% [14].

2.3. Manufacturing route for lattice truss core material

The manufacturing route for the composite lattice truss core
material consists of three steps as depicted schematically in
Fig. 2 and shown for a CPET material in Fig. 3. The first step (I) is
to form a corrugated plate shape. In a mass production setting this
would be performed using a continuous process such as hot-roll
forming of the thermoplastic sheet material but in this laboratory
setting the material was hot formed using machined corrugated
aluminiummoulds (using the same process as described in Section
2.1). In the second step (II), slots with a width, c, are machined out
with a distance, d, from each other. For this laboratory scale setup a
miniature circular saw (blade diameter = 80 mm and blade thick-
ness = 1.6 mm) was used to cut each slot manually. In a mass pro-
duction setup one could easily replace this cutting method by
using a computer numerical controlled mill to machine out each
slot automatically. In the third and final step (III), the core is heated
and expanded into its final shape with the desired longitudinal
truss angle b (in the y-direction). Assuming a relatively constant
distribution of the heat over the folding lines of the structure,
the expanding process will take place close to uniform. If the beta
angle is not uniform for each fold, it will be corrected in the follow-
ing step where the folded core is consolidated to the face sheet
stringers which have an accurate pre-cut beta angle. These three
steps can all be performed simultaneously while the core is
expanded in the y-direction. The final result of an expanded CPET
lattice truss core is shown in Fig. 3.

2.4. Manufacturing of face sheets and complete sandwich structure

In order to enhance the bonding between the core and face
structures, an approach is presented where the face sheets have
stringers which provide support for the lattice truss core as shown
in Fig. 4a. This both increases the surface area of the bonding
between the lattice truss core and face sheets but it also changes
the load introduction so that axial loads in the core struts translate
into compressive or tension forces on the stringers.

The face sheets used in this laboratory set-up have been made
using 4 layers of the fabric for the SrPET structure and 4 layers of
fabric in the CPET structure. This results in a face sheet thickness
of 1.8 mm and 1.1 mm for the SrPET and CPET structure respec-
tively. The face sheets with stringers were manufacture in two
steps as shown in Fig. 5. Firstly, triangular sections where

Fig. 1. Compression stress strain diagram for CPET and SrPET [14].
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machined out from a pre-consolidated plate of 10 mm thickness.
After this, each triangular stringer was placed between 4 layers
of fabric. An aluminium tool was used to consolidate the stringers
to the face sheet in order to obtain high geometrical accuracy. An
alternative to adding triangles of SrPET or CPET material is to
instead fill the stringers with polymer foam in order to not add sig-
nificant weight to the face sheets, this has however not been inves-
tigated further in the present study.

When the face sheets have been pressed into their final shape
they are bonded to the core using a hot-plate bonding method.
In this method, the bond surfaces are heated to about 200 �C
instantly (which is above the matrix melting temperature) using
pre-heated aluminium plates. When both surfaces have been
heated, they are pressed together for a few seconds, with a pres-
sure of approximately 0.014 bar, until the material has cooled
down and solidified. This method allows for a rapid and strong
bond of the material.

The final lattice truss sandwich plate, shown in Fig. 4b, was then
cut into individual unit cells in order to perform the out-of-plane
compression experiments. A detailed description of the unit cell
geometry is given in proceeding section.

3. Experimental protocol

3.1. Selection of lattice truss core geometrical parameters

The manufacturing route for the lattice truss core presented in
this study provides the possibility of selecting seven independent

geometrical variables as shown in Fig. 2. By altering these geomet-
rical variables, different core relative densities can be achieved
with different resulting mechanical properties. The relative density
of the core, defined as the density of the core normalised by the
density of the constituent material, is defined as,

qr ¼
t½2cðl1þ l2Þ�bð2l1þ l2Þ�

ðl2þ l1 cosaÞ½ðtþ2l1 sinaÞcosbþ2csinb�½ðc�bÞcosbþðtþ l1 sinaÞsinb�
ð1Þ

where each individual variable is depicted in Fig. 2. Eq. (1) has its
minimum (i.e. lowest relative density) for core configurations
where the expanding angle, b, is 45� and the corrugation angle, x,
is 56�. In order to manufacture a core with a low relative density
but yet keep the laboratory scale manufacturing straight forward,
these two parameters have been fixed to 45� in the experimental
part of this study. In order to simplify manufacturing of the cores,
a fixed l1/d ratio of 2.9 was chosen where the strut length
l1 = 28.3 mm and the cut distance d = 9.7 mm.

3.2. Unit-cell geometry for out-of-plane compression experiments

In order to investigate the out-of-plane compression properties
of the sandwich structure, individual unit cells of dimensions
L = 42 mm and W = 60 mm were cut-out from plates, see Fig. 6a.
After being cut-out, the unit cell face sheets where then bonded
to 5 mm CPET plates in order to minimize face sheet deformation
during testing and therefore characterize the core properties only.

Fig. 2. Three key steps in manufacturing the novel expanded lattice truss structure.

Fig. 3. CPET material in the process of expansion from a corrugation to a lattice truss structure (left) and final result of an expanded lattice truss core structure made of CPET
with b =x = 45�, l1 = 28.28 mm, l2 = 10 mm, t = 1.8 mm, d = 9.7 mm and c = 2 mm (right).
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For each material configuration, two types of strut slenderness
ratios (t/l1) were investigated as summarized in Table 1.

3.3. Compression experiment apparatus

All experiments where performed in a screw-driven Instron
5567 testing machine at a constant compression velocity of

1 mm per minute resulting in a compressive strain rate of 10�3

per second over the core thickness. Load was measured using a
30 kN load cell and compressive displacements were measured
using a clip-gauge extensometer mounted between the steel load-
ing platens. Compressive stress over the specimen was calculated
by dividing the measured load by the surface area of the unit cell
(42 � 60 mm2 in Fig. 6a). Compressive strain was calculated by
dividing the measured displacement by the core height under the
assumption that the face sheets exhibit small out-of-plane dis-
placements compared to the core.

4. Description of finite element model

4.1. Model geometry and loading conditions

A unit cell finite element model has been developed in the com-
mercial finite element software Hypermesh [20] to investigate how
different geometrical parameters affect the mechanical properties
of the lattice truss core. Fig. 6b shows the theoretical unit-cell used
to model the specimens. The only difference between the manufac-
tured specimens and the theoretical unit-cell is the size of the face
stringers. In order to reduce the amount of elements in the finite
element model, the part of the stringers that do not contribute as
support for the core struts have been removed. This does, however,
not affect the out-of-plane compressive response of the unit cell.
The modelled unit cell and the applied boundary conditions are
shown in Fig. 7. At each boundary (where core struts meet the face
stringers), a tie condition has been employed using the assumption
that core struts are perfectly bonded to the face stringers. The tie
condition imply that all translational and rotational degrees of
freedom are the same as for the face sheet stringers. The bottom
face sheet stringers have been assumed to be in a clamped condi-
tion so that translational degrees of freedom of the solid brick ele-
ments are restricted. An evenly distributed pressure has then been
applied to the upper face sheet stringer to simulate a compressive
force on the unit cell. Each core configuration was modelled using
both a linear elastic buckling analysis and a non-linear implicit
analysis in order to capture both instability and material failure

Fig. 4. (a) SrPET lattice truss core which has been hot-plate bonded to one face
sheet with reinforcing stringers and (b) final sandwich plate with stringer
reinforced face sheets and a lattice truss core.

10mm

I – Cutting of triangular shapes

Aluminium tool

II – Consolidation of triangles with face sheet

Aluminium tool

2 layers of fabric

Pre-consolidated 
triangular sections

2 layers of fabric

Fig. 5. Steps in manufacturing the face sheets with stringers.

Fig. 6. (a) Unit-cell specimen geometry used to perform out-of-plane compression experiments and (b) theoretical unit-cell used in finite element model.
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mechanisms. Solid brick elements of type CHEXA was used to
model the face sheet stringers and composite shell elements of
type CQUAD4 were used to model the individual core member
struts.

4.2. Initial geometrical imperfections

To simulate the structural imperfections caused during the
manufacturing process of the core material, initial geometrical
imperfections have been applied to the core. It has been assumed
that the geometrical imperfections of each core member have the
shape of its first eigenmode. To introduce this imperfection a linear
buckling analysis was performed in Hypermesh and the first eigen-
mode was computed. The deformed core member geometry, in the
shape of the first eigenmode, was then used as the initial geometry
of the non-linear implicit analysis. As CPET is more sensitive to
geometric imperfections than SrPET, the magnitude of the
deformed shape was scaled differently, by trying to reach the best
correlation with the experiments, so that the maximum initial
transverse deflection was 10% and 5% of the core member thick-
ness for SrPET and CPET respectively.

4.3. Material models

The SrPET material was modelled as an elastic–plastic material
(using the MAT1 card and its extension – MATS1, in Hypermesh).
The material modulus, yield point and stress–strain history mea-
sured experimentally were used as input data for the FE model.

The CPET material was modelled using the in-built orthotropic
material model in Hypermesh (MAT8 card and its extension –
MATX43) where the experimentally measured value for the both

the longitudinal and the transversal moduli was used. The trans-
verse shear moduli G13 and G23 and the in-plane shear modulus
were assumed to be the same, having a value of 2000 MPa. It is
assumed that the CPET material fails when the maximum longitu-
dinal strain attains the experimentally measured quasi-static fail-
ure strain of 0.7%. This relatively straight forward failure
modelling approach has previously been proven successful by
Tagarielli et al. [15].

5. Summary and discussion of experimental results and FE
predictions

In order to validate the accuracy of the FE model a comparison
is given between the experimentally measured stress–strain
responses and the different failure mechanisms to the predictions
made by the FE model.

5.1. Summary of results for SrPET lattice cores

The stress–strain response and the corresponding in-situ photo-
graphs for the slender SrPET-1 core configuration is shown in Fig. 8.
The overall stress–strain response predicted by the FE model
shows good agreement with experimental findings. At low com-
pressive strains (<2.5%, point 1 in Fig. 8a), a linear elastic loading
behaviour is observed experimentally and in the numerical FE
model. There is minimal out-of-plane deformation of the core
struts and no plastic deformation is recorded in the FE model. At
a compressive strain of �4.5% (point 2 in Fig. 8a), the core mem-
bers buckle into a shape similar to a half sinus wave which is fol-
lowed by a rapid drop in stress level. This drop in load level occurs
while the material is still in its elastic range. Shortly after the

Table 1
Four different core configurations tested in the experimental program. All geometries have b =x = 45�, l2 = 10 mm, d = 9.7 mm and c = 2 mm.

Name Material Strut thickness t (mm) Strut length l1 (mm) Relative core density (–) Core density (kg m�3)

SrPET-1 HTPET/LPET 1.8 28.28 0.041 57
SrPET-2 HTPET/LPET 2.7 28.28 0.062 86
CPET-1 Carbon/LPET 1.1 28.28 0.024 40
CPET-2 Carbon/LPET 1.6 28.28 0.037 60

Fig. 7. Finite element model unit cell showing boundary conditions and applied loads from 4 different viewing angles.
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immediate load drop, the stress strain curve starts to flatten out. At
this strain point (around point 3 in Fig. 8a), onset of plastic defor-
mations is observed in the FE model which results in a less dra-
matic load drop and a more controlled softening type of
deformation (point 3–4 in Fig. 8a). The FE-model predicts a lower
post buckling load drop (�20%) as compared to the experimental
findings where a somewhat higher post buckling load drop is
observed (�35%). As the specimen is compressed further, a mid-
span plastic hinge is formed on the core members and eventually
they fold and come into contact with the face sheets which results
in increased load levels and core densification.

Turning to the more stubby SrPET-2 core (Fig. 9), a similar
stress–strain response can be observed but with a less pronounced
immediate load drop after the peak load. In this case, the onset of
plastic deformation in the FE model occurs directly at the peak load
(point 2 in Fig. 9a) causing the less pronounced load drop. This is
an effect of the higher core member thickness which provides bet-
ter resistance to buckling (higher bending stiffness) causing the
core members to yield first prior to onset of buckling. After a plas-
tic hinge has formed, approximately mid-span of the core member,

the load however continues to drop beyond compressive strains
above 40%.

It is noted that the FE model is able predict the stiffness of the
slender core structures with adequate accuracy (typically within
10%) but larger discrepancy is found for the stubby cores (up to
23%). No apparent explanation could be found for this discrepancy.

5.2. Summary of results for CPET lattice cores

The measured and predicted stress–strain history of the slender
CPET-1 core is shown in Fig. 10. A linear elastic loading behaviour
is observed up to �2% compressive strain (close to point 2 in
Fig. 10a) both in the experiments and the numerical model after
which a sudden load drop is observed. Core member compressive
material failure is noted in both the experimental measurements
and numerical predictions as indicated by the black arrow in
Fig. 10b. A considerable variation in stiffness is noted between
the experimental measurements elucidating the sensitivity to
manufacturing imperfections.

Position Experiment FE-model 

1 

2 

3 

4 

(a) 

(b) 

2

3

41

Fig. 8. (a) Stress–strain response of SrPET-1 as measured experimentally and predicted by finite element model. (b) Deformation mechanism at various strain levels.
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The measured and predicted stress–strain history for the stub-
bier CPET-2 core is shown in Fig. 11. The peak stress of 2 MPa
occurs at a compressive strain of about 2.7% (point 2 in Fig. 11a).
At 2.7% core compressive strain, the strain in each core member
strut is approximately 0.7% which is close to the measured mate-
rial failure strain. Compressive material failure of the core mem-
bers could be observed in the experiments and FE model
resulting in a catastrophic failure mode with sudden drop in stress.

The peak stress and loading stiffness is predicted with good
accuracy for both the CPET-1 and CPET-2 configuration.

6. Parametric investigation and comparisons to existing core
materials

In the previous section it was shown that the FE model devel-
oped herein is able to predict stress–strain response and failure
mechanism of most core configurations with good accuracy. The
only exception is the core stiffness prediction for the stubby SrPET
cores where discrepancies up to 20% were found. For the purpose
of providing an approximation of the core performance, this level
of accuracy is adequate and comparable to commonly used theo-

retical models. In this section the FE model is used to investigate
how the different manufacturing parameters, depicted in Fig. 2,
affects the out-of-plane stiffness and strength of the core material.

6.1. Effect of core strut cross-section geometry on out-of-plane
compressive response

The effect of core strut cross-section geometry on the weight
normalized compressive strength and stiffness of the core is firstly
investigated. The strut cross-section geometry is defined by the
two variables d and t which describe the cross section width and
thickness respectively.

In Fig. 12 it is illustrated the effect of core strut slenderness by
keeping all variables fixed (x = 45�, b = 45�, d = 7.7 mm, c = 2 mm,
l1 = 22.3 mm, l2 = 10 mm) while changing the strut thickness, t.

Starting with the SrPET core, a major and linear increase of the
weight normalized strength up to t/l1 = 0.09 and a minor one fur-
ther on is observed. This is the point where the failure mode
switches from buckling to material compression failure. When
the failure is governed by strut buckling, the core strength
increases approximately in cube to the strut thickness while the

Position Experiment FE-model 

1 

2 

3 

4 

2

3

4

(a) 

1

(b) 

Fig. 9. (a) Stress–strain response of SrPET-2 as measured experimentally and predicted by finite element model. (b) Deformation mechanism at various strain levels.
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density increases linearly with the strut thickness resulting in an
overall increase in normalized core strength. When the governing
failure mode is material compression failure, strength and density
increase linearly with thickness resulting in a plateau for the
weight normalized strength. The stiffness of the core is constant
with changing strut thickness with one exception: At very low
strut slenderness ratios, the effect of initial imperfection on core
stiffness becomes significant as the core struts have very low bend-
ing stiffness.

The CPET core shows the same stiffness and strength behaviour
as the SrPET core with the difference that the major increase in
normalized strength is up to t/l1 = 0.05 instead of t/l1 = 0.09. This
is since the ratio between material strength and material stiffness
is an order of magnitude smaller for the CPET material compared to
the SrPET material. The effect of this is that the switch in failure
mode from buckling to material compression failure will occur at
a lower strut slenderness ratio.

Turning to the strut width, d, its effect on the mechanical
behaviour is explained as it follows. When the struts are stocky
enough so that failure is governed by material compression failure,
the compressive strength of the core will change linearly with the
increased strut cross section area (t times d). As the core density
changes linearly with the strut cross section area, the density nor-
malized core strength will be constant when t/d changes. In the
case where failure is governed by strut buckling a different behav-
iour can be noticed: The core strut will always buckle in the direc-

tion of the lowest second moment of inertia meaning that the
smaller of the two dimensions, t and d, will define the direction
where buckling occurs. For low core relative densities where fail-
ure is governed by core strut buckling, the optimal width to thick-
ness ratio, t/d, will thus be 1.

6.2. Effect of expansion and corrugation angle on out-of-plane
compressive response

The effect of core expansion angle, b, and corrugation angle, x,
on the weight normalized compressive strength and stiffness of the
core is investigated further on.

6.2.1. Effect of expansion angle
In Fig. 13a it is showed the effect of expansion angle on the

weight normalized stiffness and strength of the core. The expan-
sion angle is varied within the interval of 45–80� while keeping
all other variables fixed. An expansion angle of 90� would result
in the structure in stage II of the manufacturing process (see
Fig. 2); i.e. a corrugated structure with slots at a distance d from
each other.

An increasing weight specific stiffness and strength is observed
for both CPET and SrPET cores as the expansion angle increases. For
the weight specific stiffness, this increase continues towards 75–
80�where a plateau is reached. Looking at the core strength, a sim-
ilar increase in weight specific strength is noticed but the peak

Position Experiment FE-model 

1 

2 

3 

2
(a) 

(b) 

31

Fig. 10. (a) Stress–strain response of CPET-1 as measured experimentally and predicted by finite element model. (b) Deformation mechanism at various strain levels.
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weight specific strength is found for an expansion angle of approx-
imately 60� after which the weight specific strength starts to drop
again. Although the stiffness and strength increases continuously
with the expansion angle the core density increases more rapidly
for b > 60�, which causes the plateau and the drop in weight spe-
cific stiffness and strength.

6.2.2. Effect of corrugation angle
Fig. 13b shows the effect of corrugation angle, x, on the

weight specific strength and stiffness of the core. Similar to the
core expansion angle, an increasing weight specific strength as
function of corrugation angle is noticed. The weight specific stiff-
ness of both the CPET and SrPET increase up to the maximum cor-
rugation angle of 90� while the weight specific strength shows a
peak at a corrugation angle of approximately 75�. The drop in
weight specific strength is caused by the rapidly increasing core
density as the corrugation angle increases beyond 70� as can be
derived from Eq. (1).

It is worth emphasising that the optimum expansion and corru-
gation angle for cores subjected to shear load, is likely to be differ-
ent from the one found for out-of-plane compression.

6.3. Comparisons with existing core materials

Based on the parametric studies described above, the manufac-
turing parameters for the expanded lattice core are chosen so that
a close to optimal geometry is created for out-of-plane compres-
sive loading. The core strut cross-section ratio, t/d, is chosen as
close to unity as possible. The expansion angle, b, is chosen to be
fixed at 60� and the corrugation angle, x, is chosen to be fixed at
75�. Further on, the core density is varied by changing the core
strut thickness, t, while keeping the core strut length, l1, fixed.

Position Experiment FE-model 

1 

2 

3 

2

3

(a) 

1 

(b) 

Fig. 11. (a) Stress–strain response of CPET-2 as measured experimentally and predicted by finite element model. (b) Deformation mechanism at various strain levels.

Fig. 12. Effect of strut slenderness ratio (t/l1) on out-of-plane compressive stiffness
and strength.

C. Schneider et al. /Materials and Design xxx (2014) xxx–xxx 9

Please cite this article in press as: Schneider C et al. Compression properties of novel thermoplastic carbon fibre and poly-ethylene terephthalate fibre
composite lattice structures. J Mater Design (2014), http://dx.doi.org/10.1016/j.matdes.2014.08.032

http://dx.doi.org/10.1016/j.matdes.2014.08.032


Although not all previous studies report stiffness properties, the
out-of-plane stiffness as function of density is plotted for a selected
number of sandwich core materials in Fig. 14. The CPET lattice
cores shows very competitive stiffness compared to both tradi-
tional foam cores and to recently developed pyramidal lattice cores
[6]. At higher core densities, the CPET core have considerably
higher out-of-plane compressive stiffness than both pyramidal
titanium [16] and carbon fibre cores [6,7]. The SrPET lattice cores
show stiffness similar to high-end PMI Rohacell cores but perform
considerable worse than carbon fibre composite lattice cores at
densities above 20 kg m�3.

The out-of-plane compressive strength as function of density,
for a selection of different core types, is plotted in Fig. 15. At low
core densities (<40 kg m�3), the CPET lattice cores have a strength
comparable to the pyramidal carbon fibre structures presented in
[6,7]. At these low core densities no competing metallic cores exist.
The pyramidal composite cores developed by Li et al. [6] have a
density of 37 kg m�3 and an out-of-plane compressive strength of
2.6 MPa which is slightly lower than the near-optimal CPET lattice
core presented in this study. Xiong et al. [7] reports a pyramidal
carbon fibre composite core at three different densities. The two
configurations at low density show very good performance and
outperform the CPET lattice core developed in this study. The pyra-
midal core at intermediate density (�70 kg m�3), however, shows
lower strength than the CPET lattice core presented here. The
strength of the CPET structures increases rapidly with increasing
density as the core members become more resistant to buckling
failure. Similar trend is seen for the pyramidal cores presented
by Li et al. [6] which have relatively low strength at very low den-
sities (20 kg m�3) and then increase rapidly. At higher densities,
the CPET lattice core outperform other core materials except for

the corrugated carbon fibre core presented in [1]. Two metallic lat-
tice cores have also been included for comparison, one based on
6061 aluminium alloy [21] and one based on titanium alloy [16].
Both of these metallic lattice cores show lower out-of-plane com-
pressive performance than the carbon fibre based cores of similar
density. Worth noting is that the non-optimal CPET lattice core,
which have been tested experimentally in this study, shows similar
performance as the two metallic cores, tetrahedral AA6061 [21]
and the pyramidal titanium core [16]. The near-optimal CPET lat-
tice core however shows considerably higher out-of-plane strength
than the metallic cores of same density.

The performance of the SrPET lattice core is competitive at very
low densities. This is mainly since SrPET has lower density than
CPET and the core members are therefore thicker and more buck-
ling resistant at low densities. At intermediate densities, the SrPET
cores have strength performance which is better than the high-end
foam cores Rohacell and Divinycell. The strength of the SrPET core
is however considerably lower than the high performing pyramidal
carbon fibre cores presented by Xiong et al. [7] and Li et al. [6].
When compared to the titanium alloy pyramidal [16] and alumin-
ium alloy tetrahedral [21] lattice cores, the near-optimal SrPET
core configuration shows approximately the same out-of-plane
strength performance. The non-optimal SrPET cores, which have
been tested experimentally within this study, shows relatively

Fig. 13. (a) Effect of expansion angle (b) on out-of-plane compressive stiffness and
strength and (b) effect of corrugation angle (x) on out-of-plane compressive
stiffness and strength.

Fig. 14. Core stiffness as function of core density for a range of different sandwich
core materials. (See above-mentioned references for further information.)

Fig. 15. Core strength as function of core density for a range of different sandwich
core materials. (See above-mentioned references for further information.)
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poor performance on par with commercially available polymeric
foams.

7. Conclusions

It has been demonstrated that thermoplastic composite materi-
als can be used to create lattice structures using an efficient and
scalable manufacturing method. The following conclusions can
be made regarding the mechanical performance of these lattice
materials:

1. The lattice structures manufactured from carbon fibre rein-
forced PET show both competitive strength and stiffness at a
range of densities. The experimentally tested non-optimal con-
figurations shows mechanical properties that are on par with
high end metallic cores. It has however been demonstrated that
a significant improvement in mechanical properties can be
achieved by changing the geometrical properties of the cores
so they are more suited for out-of-plane compressive loading.

2. The lattice structures manufactured from PET fibre reinforced
PET show similar stiffness and strength performance as high-
end polymeric foams but perform considerably worse than
metallic and carbon fibre composite lattice structures, espe-
cially in terms of stiffness. If a more optimal core geometry is
chosen, performance similar to metallic lattice cores can be
achieved. Further, the SrPET lattice cores show non-cata-
strophic and ductile failure modes (as opposed to the carbon
fibre based cores) which is beneficial from an energy absorption
point of view.

Although the SrPET lattice structures show limited benefits over
traditional foam structures when it comes to stiffness, they can still
be interesting for strength dimensioned designs where low weight
and high energy absorption is important. Further, SrPET lattice
structures are fully recyclable as opposed to PVC and PMI foam
cores which is key for e.g. automotive applications (such as car
bumper beams).
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a b s t r a c t

An optimisation methodology is developed and applied on a FRP sandwich body of an electric vehicle –
ZBee, where single-objective and multi-objective optimisation studies are performed stepwise using a
commercially available software package. The single-objective optimisation allows the identification of
the load paths within the composite body, according to the loading conditions previously defined. Within
the multi-objective optimisation, the optimum thickness and distribution for each of the layers that form
the composite body are searched within the design space so as to obtain the best performance with
respect to weight, material cost, global and local stiffness. Strength requirements are also considered
as constraints within the optimisation. A conflict situation appears when several objectives are consid-
ered within the optimisation, meaning that an increased performance in one objective may often lead
to a decreased performance for the others. Therefore, a trade-off between objectives is needed. The inter-
pretation of results is partially made by using trade-off plots, the so-called Pareto frontiers. A method for
the overall selection of the most beneficial solutions is proposed and applied in order to choose between
the best obtained solutions according to the importance of the objectives.

� 2013 Elsevier Ltd. All rights reserved.

1. Introduction

An extensive interest within vehicles industries to develop and
make use of lightweight composite materials and structures has
been generated by the need of reducing energy consumption with-
in the vehicles’ use-phase. Clear benefits of using composites espe-
cially with respect to weight reduction have been reported within
aeronautical, rail, naval and automotive industries. Especially for
electric vehicles, the use of fibre reinforced polymers (FRP) repre-
sents a salient approach to increase their range. Such a demonstra-
tion is given by the ZBee vehicle which represents the materialized
vision of a Swedish company – Clean Motion AB – regarding energy
efficient electric vehicles. This urban vehicle, classified as scooter
according to EU regulations, has been designed for short distance
transportation of up to three people and smaller goods. Fig. 1
shows the 2nd generation of the ZBee vehicle. The body in white
was entirely made of FRP composites. Certain sections within the
body were made of FRP sandwich structure for an increased bend-
ing stiffness, having PVC foams and polymer honeycombs as cores.

The composite body was made of 9 parts which were adhesively
bonded together to form a whole.

A new generation of the ZBee – the 3rd generation –, Fig. 2, aims
at an increased performance in terms of weight, material costs, lo-
cal and global stiffness behaviour compared to the 2nd generation.

Space for even more increased performance exists due to the
fact that overall properties of FRP composites may be tailored to
satisfy specific design requirements by changing the values of
the constituents’ specific parameters [1]. This goal can be attained
if appropriate advanced optimisation tools are used.

An optimisation problem is most often formulated when trying
to improve the vehicles’ performance by weight reduction. An opti-
mal solution of the objective function (e.g. mass) is searched with-
in a design space defined by the upper and lower limits of the
design variables (e.g. materials’ properties) and by certain imposed
constraints (e.g. required stiffness, strength etc.) [2].

However, lowering the weight of a vehicle will most often imply
a reduction of other performance criteria such as the stiffness and
strength properties, material cost or the safety performance.
Therefore, there are cases where several objectives need to be de-
fined and considered within the optimisation procedure in which
case a conflict situation appears between objectives, meaning that
an increased performance in one objective leads to a decreased
performance for the others [3]. Several complex optimisation tech-
niques and algorithms have been proposed for solving such multi-
objective problems [1,4–9].
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The weighted sum approach has been used as an attempt to
simplify the problem complexity of finding solutions within mul-
ti-objective optimisation problems, where all the objectives func-
tions are summed into a single objective function, giving weight
penalties for each of them [1]. Then, a solution may be obtained
by running one of the many existing single-objective optimisation
algorithms. The main drawback regarding the weighted summeth-
od is the quantification of weight penalties because the results are
strongly dependent on them [10], although methods for dealing
with this issue have been studied and proposed [11].

Therefore, in order to obtain a large spectrum of solutions, ded-
icated multi-objective optimisation algorithms remain here of
interest [12,13]. One of the most spread algorithms within the cur-
rent available commercial FE packages is the so-called MOGA
(Multi-objective Optimisation Genetic Algorithm) [14]. Instead of
providing one single solution, MOGA produces a set of solutions
by searching within the design space for a set of Pareto optimal
solutions [15]. The interpretation of results in the case of a mul-
ti-objective optimisation study is partially made with the help of
the trade-off curves, the so-called Pareto frontiers [16]. The ob-
tained Pareto frontiers only indicate the set of solutions that gives
the best compromise between objectives, but there is a further
need for choosing one single solution from the set. This can be
done either by intuition or by reformulating the objectives as con-
straints, except one of them, or by using a composite objective
function [3].

This article firstly addresses the problem of optimizing the FRP
sandwich body of the new ZBee with respect to weight, stiffness,
strength and material costs. Secondly, a selection method of the
most beneficial design solutions is developed and applied in order
to deal with the difficulties of interpreting the multi-objective opti-
misation results generated by MOGA.

All the values of the results characterizing the performance of
the 3rd generation are normalized to the ones that characterize
the 2nd generation, in order to evaluate the gained improvements.

2. Numerical model

All the analyses and optimisation studies have been performed
within the Hyperworks 11 software package. Hypermesh facilities
were used to simplify the geometry, to generate the mesh, to de-
fine material properties and to assign load cases. Optistruct solver
was used for FE analyses and single-objective optimisation studies.
Hyperstudy and RADIOSS solver was used for multi-objective opti-
misation studies.

The FE mesh is generated on the outer surface of the body
parts. The target finite element size was set to 10 mm. Quad and

Fig. 1. The 2nd generation of ZBee vehicle.

Fig. 2. The 3rd generation of ZBee vehicle – new composite body design.

Fig. 3. Meshed body.
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triangular shell elements were used to realize an initial automated
mesh of the body parts.

The generated finite elements have been checked and refined
where needed, according to the HyperMesh quality indexes default
values [17]. The resulted mesh has 688,638 degrees of freedom,
Fig. 3. The connection between body parts (i.e. the adhesive) has
been modelled using rigid elements in order to simplify the model.

2.1. Material properties

The composite structures the body parts are made of are mod-
elled in HyperMesh as laminates, each laminate being composed
by several plies (layers). The material properties were thus defined
individually for each of the layers within the software. Table 1
shows the types of layers that were used within the body structure
of the ZBee-Generation 3 and their corresponding material charac-
teristics. The acronyms GF-weave and GF-csm represent a bi-direc-
tional weave and glass fibre chopped strands mats respectively.
SORIC represents a polymer honeycomb core material.

2.2. Loading conditions

Within the analysis and optimisation of the ZBee composite
body there have been considered 6 loading conditions. The corre-
sponding loads and constraints are illustrated in Fig. 4.

2.2.1. Global torsion
This load case has the purpose to evaluate the torsion stiffness

of the whole composite body. Fig. 4(a) shows the considered
boundary conditions, where node B has all the degrees of freedom
retained. The torsion stiffness Kt is thus determined using Eq. (1),

where MxA is the moment applied along X-axis at point A and hxA
represents the rotation measured around X-axis at point A.

Kt ¼ MxA

hxA

Nm
deg

� �
ð1Þ

2.2.2. Global bending
The bending stiffness Kb of the composite body is determined

using Eq. (2), where FzC is the force applied along Z-axis at point
C and dzC represents the displacement measured along Z-axis at
point C. The node B has all degrees of freedom retained while node
A is allowed to slide along X-direction, Fig. 4(b).

Kb ¼ FzC

dzC

N
mm

� �
ð2Þ

2.2.3. Front wheel brake
This load case has been introduced in order to evaluate the local

stiffness of the composite body around the front wheel, Fig. 4(c). It
is assumed that the vehicle is travelling on a downhill gradient of
15� and only the front wheel is braking (worst case). Taking into
consideration the legal requirements that the vehicle needs to stop
with an average deceleration of 2.7 m/s, a braking force F and a
braking moment M are determined and both are applied on point
B (centre of the front wheel); the displacement of point C (the
headstock top point) is then determined using Eq. (3), where dx,
dy and dz represent the displacements of point C evaluated within
the analyses along the three orthogonal axes.

d ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
d2x þ d2y þ d2z

q
½mm� ð3Þ

Table 1
The materials properties used within the optimisation studies.

Material type Material characteristics

E1 = E2 [MPa] G12 [MPa] q [kg/m3] Xt = Xc [MPa] Yt = Yc [MPa] S [MPa]

GF-weave 16,740 2237 1704 241 241 7
GF-csm 8462 1712 1432 129 129 9
PUR foam 55 21 150 1.8 1.8 1.18
PVC foam 130 35 100 2 2 1.6
SORIC 800 35 1160 4 4 3
Gelcoat 3800 1387 1200 – – –

Fig. 4. The applied loads and constraints.
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Within this load scenario, inertia relief is used to obtain the load
equilibrium of the model [18]. Thus, the applied loads F and M are
balanced by inertial accelerations that automatically provide forces
distributed over the body in such a way that the sum of the applied
forces is equal to zero. However, all the degrees of freedom of node
A, Fig. 4(c), are constrained in order to restrain the rigid body mo-
tion, but the reaction forces on this node are zero [17].

2.2.4. Belt points forces
Specific local stiffness at belt points is also required. Within this

load case, static forces are applied at belt points and their displace-
ments are evaluated and used as constraints within the optimisa-
tion study. The degrees of freedom are restrained for all the
bottom nodes, Fig. 4(d).

2.2.5. Front impact
For the homologation of the vehicle, several safety require-

ments need to be fulfilled and therefore equivalent load scenarios
also need to be included within the simulations. Dynamic non-lin-
ear FE analyses are usually considered for investigating this type of
crash scenarios [19] but these imply a high computational time,
especially in the case of a multi-objective optimisation. For this
reason, an equivalent static load case is here approximated,
Fig. 4(e), where a force F is applied on the depended node B and
distributed within interpolation constraint elements – RBE3 [17]
on an estimated impact area from the composite body. The magni-
tude of the force F equals M 10g, where M is the full vehicle mass
and g is the gravitational acceleration. The displacement of point B
is then evaluated and used within the optimisation studies as a
constraint or objective in the form of Eq. (3).

As in the case of the Front wheel brake load case, the inertia re-
lief is used here too for obtaining the load equilibrium of the mod-
el. The degrees of freedom of node A, Fig. 4(e), are constrained in
order to restrain the rigid body motion.

Although this is a roughly simplified way to simulate a front im-
pact scenario, it is anyway expected that the applied static force
will unveil the load paths by increasing the thickness of specific
layers as required in order to satisfy the displacement constraint
of point B. Other authors have used the same approach for sin-
gle-objective topology optimisation [20].

2.2.6. Curb strike
This load case allows the effect of the load distributed within

the composite body to be considered when the front wheel hits a
curb. The force F, Fig. 4(f), is calculated as M 3g, where M is the full
vehicle mass and g is the gravitational acceleration. It is assumed
that the curb has a height of 100 mm and the wheel radius is
230 mm. The force is then applied in the centre of the wheel

represented by the point B, Fig. 4(f), at an angle of 34� from Ox axis,
within the xOy plane, and it is transferred to the composite body by
the interpolation constraint elements – RBE3 [17], that represent
the fork.

The displacement of point B is evaluated and used within the
optimisation studies as a constraint or objective in the form of
Eq. (3).

3. Optimisation methodology

The proposed optimisation methodology consists of three main
steps, Fig. 5.

First, a single-objective free size optimisation is performed on
the composite body modelled as described at Section 2. Within
the second step, the area covered by each layer is redefined accord-
ing to the obtained distribution of thicknesses from the free size
optimisation results. The last step consists of performing a multi-
objective size optimisation to the redefined patches.

A detailed description of these three steps is given further on.

3.1. Free size optimisation

When referring to composite laminates, the mathematical for-
mulation of the single-objective free size optimisation problem
may be described as it follows (adapted from [21]):

Minimize f ðxÞ ¼ f ðx11; . . . ; xijÞ
Subject to xLij 6 xij 6 xUij ; i ¼ 1; . . . ;Nl; j ¼ 1; . . . ;Ne

where f(x) is the objective function, xij represents the thickness of
the ith layer of the jth finite element, gk(x) and gU

k are the kth con-
straint response and its upper bound, Nl and Ne represent the num-
ber of layers and the number of elements, m is the number of
constraints.

The goal at this stage is to identify the load paths through the
composite body for the given loading conditions. The initial struc-
ture of the parts is considered to be made of six layers all over the
body, according to the section illustrated in Fig. 6.

The initial thicknesses of the GF-weave and GF-csm layers, Ta-
ble 2, have been predicted using Eq. (4):

h ¼ Wf

qf
þWm

qm
; ð4Þ

where Wf and Wm represent the weight of the fibres and of the ma-
trix per unit area;Wf is given in Table 2.Wm is calculated for each as
Wm = (Wf/wf) �Wf, where wf = qf vf/(qf vf + qm vm), vf represents the
fibre volume fraction and it is equal to 0.4 for GF-weave and 0.2 for
GF-csm. The matrix volume fraction vm is equal to 1 � vf. qf and qm

are the densities of the glass fibres and of the polyester matrix, and
they are equal to 2520 kg/m3 and 1160 kg/m3 respectively, [22].

Fig. 5. Optimisation methodology applied on the composite body. Fig. 6. Section within the composite body structure.
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3.1.1. Design variables
Within the free size optimisation, the thickness value of the lay-

ers shown in Fig. 6 is allowed to vary freely within a predefined
interval for each finite element. These thicknesses represent the
design variables and their upper and lower limits are shown in
Table 3. The thickness of the Gelcoat layer is kept constant.

3.1.2. Constraints
The imposed design constraints within the free size optimisation

may be interpreted as performance targets that should be met, for
each of the considered load cases. The applied constraints are de-
scribed in Table 4.

The values for the objective functions Kt3 and Kb3 are con-
strained to be at least equal to two times the corresponding values
for the 2nd generation in order to force the PUR layer to grow in a
more realistic shape instead of a scattered distribution.

3.1.3. Objective
The single-objective is to minimize the mass of the composite

body by varying the defined design variables, Table 3, while satis-
fying the imposed design constraints, Table 4.

3.1.4. Results
The contour plot representing the thickness distribution of the

PUR layer, Fig. 7, shows a thickness distribution up to 60 mm
around the bucket region, although the upper limit of the corre-
sponding design variable has been set to 30 mm, Table 3. This hap-
pens because a T-joint exists around the bucket and therefore the
model implies two layers of PUR foam that are concurring within
that region.

A feasible solution has been reached within this optimisation
step, where the mass has been decreased by 29.9% compared to
the 2nd generation, at the same time by satisfying all the con-
straints defined in Table 4.

Although a theoretical feasible solution was obtained within the
free-size optimisation, the resulted thickness distribution of each
layer within the composite body is hard to reproduce in reality,
especially the layer that represents the core, Fig. 7. For this reason,
the interpretation of patches has been considered as a next step.

3.2. Interpretation of patches

The area covered by each layer is interpreted following the free
size optimisation results, and redefined in order to reach a shape

Table 2
Initial thickness and layers’ distribution within the composite body.

Layer type Placement Wf [g/m2] Initial thickness [mm]

Gelcoat Complete layer – 0.600
Outer GF-csm Complete layer 300 0.595
Outer GF-weave Complete layer 600 0.595
PUR Complete layer – 30
Inner GF-weave Complete layer 600 0.595
Inner GF-csm Complete layer 300 0.595

Table 3
Design variables within the free size optimisation step.

Layer Thickness [mm]

Lower limit Upper limit

Outer GF-csm 0.2 1.2
Outer GF-weave 0 1.2
PUR 0 30
Inner GF-weave 0 1.2
Inner GF-csm 0.2 1.2

Table 4
Constraints applied within the free size optimisation.

Load case Constraint Description

Torsion Stiffness Kt3 P 2Kt2 Torsion Stiffness of the 3rd generation, Eq. (1), should be at least equal to two times the one of the 2nd generation
Bending stiffness Kb3 P 2Kb2 Bending stiffness of the 3rd generation, Eq. (2), should be at least equal to two times the one of the 2nd generation
Front wheel brake dC3 6 dC2 Displacement of point C, Fig. 4(c) of the 3rd generation should be less than or equal to the one of the 2nd generation
Belt points

stiffness
dbelt_points_3 6 dbelt_points_2 Displacements of belt points, Fig. 4(d) on the 3rd generation should be less than or equal to the ones of the 2nd

generation
Front impact dB3 6 dB2 Displacement of point B, Fig. 4(e) of the 3rd generation should be less than or equal to the one of the 2nd generation
Curb strike dB3 6 dB2 Displacement of point B, Fig. 4(f) of the 3rd generation should be less than or equal to the one of the 2nd generation

Fig. 7. Thickness distribution of the PUR foam layer.
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that is possible to manufacture. This step requires the assistance of
experts on manufacturing technologies of composites.

Fig. 8(a) shows the distribution of the PUR foam within the
composite body (gray areas) as it was interpreted based on the
information provided by the free size optimisation results, Fig. 7,
and by the recommendations coming from manufacturing experts.
One of the benefits of using PUR as a core within the composite
body is that it may be extruded by using moulds into complex
shapes that can better follow the load paths indicated by the
analysis.

However, there are regions within the composite body where
higher local bending stiffness is required; PVC foam has higher
stiffness properties comparing to PUR foam, Table 1, and therefore
it may provide a better behaviour. Still, milling the PVC foam into
complex shapes may be an expensive process and thus this solu-
tion is acceptable only on relatively flat regions within the body.
Such areas are shown in Fig. 8(b): the backrest and the bottom area
of the floor. The backrest part allows the transfer of loads between
floor, sides, seat and roof and therefore its contribution to the glo-
bal behaviour of the body is important. Also, the bottom area of the
floor requires higher bending stiffness due to the loads coming
from the road within the connection of the wheels to the body,
and from the seat and the backrest.

There are regions within the model where no PUR was required
following the considered loading conditions, Fig. 7. However, in or-
der to avoid stability issues [23], a 3 mm SORIC honeycomb [24] is
required to be placed where no PUR is located – within the roof and
the sides, Fig. 8(c).

Reinforcement patches consisting of glass fibre weaves have
been considered within the floor region where the front wheel fork
is connected to composite body, Fig. 8(d).

3.3. Size optimisation

The size optimisation is performed by considering multiple
objectives. In the context of composite laminates, the mathemati-
cal description of the multi-objective size optimisation problem
may be formulated as it follows:

Minimize FðxijÞ ¼ ½f1ðxijÞ; f 2ðxijÞ; . . . ; fnðxijÞ�T
Subject to xLij 6 xij 6 xUij ; i ¼ 1; . . . ;Nl; j ¼ 1; . . . ;Ns

where n is the number of objective functions, xij represents a vector
of design variables; it may be formed by thicknesses and fibre ori-
entation angles for each of the ith layer placed within the jth set
of elements, gk(x) and gU

k are the kth constraint response and its
upper bound, Nl and Ns represent the number of layers and the
number of the elements sets the composite body is divided in, m
is the number of constraints.

Fig. 8. Interpretation of the layers’ distribution within the composite body following the free size results: (a) PUR foam; (b) PVC foam; (c) SORIC honeycomb; and (d) GF
weave reinforcement.

Table 5
Objective functions defined within the size optimisation.

Objective Function Description

Minimize Mass of the composite body Evaluated within the
simulation

Minimize Material Cost Defined by Eq. (5)
Maximize Torsion Stiffness Defined by Eq. (1)
Maximize Bending Stiffness Defined by Eq. (2)
Minimize Headstock displacement Defined by Eq. (3)
Minimize Front impact penetration Defined by Eq. (3)
Minimize Front wheel centre

displacement
Defined by Eq. (3)

Table 6
Assumptions regarding the costs per kg of the materials used
within the composite body.

Material Cost per kg [SEK/kg]

PVC 500
PUR 200
GF-weave-poly 28
GF-csm 20
SORIC 100
Gelcoat 15
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Within the present study, a multi-objective genetic algorithm
(MOGA) that is implemented in HyperStudy is used to perform
the size optimisation by considering multiple objective functions.

3.3.1. Objectives
A number of 7 objectives functions have been defined within

the size optimisation stage, Table 5.
The objective function representing the material cost is mod-

elled according to Eq. (5) and considering the assumptions made
in Table 6.

C ¼
Xn
i¼1

Xm
j¼1

ðCkg � Aij � qij � TijÞ ð5Þ

where n is the number of body parts; m, the number of layers with-
in body part; Ckg, the material cost per kg; Aij, the area covered by j
layer within i part; qij, the material density of j layer within i part;
and Tij is the thickness of j layer within i part.

3.3.2. Design variables
The considered design variables represent the thicknesses of the

layers redefined in step B (interpretation of patches) and they are
shown in Table 7. Because the layers that form the composite lam-
inates are considered to have equal in-plane properties, Table 1,
the fibre orientation angle is not included in the optimisation.

According to the defined sections within the body and by con-
sidering the number of layers, Table 7, it resulted a total number
of 42 variables.

3.3.3. Constraints
Three constraints were considered within this optimisation

step, Table 8.
The values for the objective functions Kt3 and Kb3 are allowed

within this optimisation step to decrease up to half the values of
the 2nd generation in order to increase the trade-off space with
the conflicting objectives, by adding more solutions. Thus, low per-
formance values for Kt3 and Kb3 will allow reaching high perfor-
mance values for the conflicting objectives, as it will be shown
further on.

Tsai–Hill criterion was used in order to predict failure in the
composite body assuming equal values for compressive and tensile
strength. However, Tsai–Wu failure criterion may be used when
different behaviour in compression and tension must be taken into
account [25].

Thus, according to Tsai–Hill failure criterion, a value below 1 for
the failure index given by Eq. (6) indicates that the stress is within
the allowable limits [26]. However, within the optimisation, this
failure index is constrained to have a value below or equal to 0.2.
This constraint is applied on certain finite elements that were iden-
tified as critical within a single run analysis considering the layers
shown in Fig. 8 and their initial thickness value shown in Table 7.

F ¼ r2
1

X2 þ
r1r2

X2 þ r2
2

Y2 þ
s212
S2

ð6Þ

where r1 and r2 are the in-plane stresses along longitudinal and
transverse direction, s12 represents the shear stress, X and Y repre-
sent the allowable stress in longitudinal and transverse direction,
and S is the allowable shear stress.

3.3.4. Results
The obtained values for the objective functions from the multi-

objective size optimisation are graphically presented from Figs. 9–
14 and arranged in a tabular form within Table 9, as normalized
values to the ones characterizing the 2nd generation of the ZBee;
theMass objective is plotted against all the other considered objec-
tives. For the objectives to be minimized, improvements are ob-
served if their normalized value is below 1, while a value above
1 indicates improvements of the objectives to be maximized.

The plots shown, Figs. 9–14, are also divided into four regions
(I–IV) in order to clearly show and classify the performance offered
by each of the design solutions. The performance is increased for
both of the objectives if the solution comes from region I or it is de-
creased for both of the objectives if the solution comes from region
IV. Region II and III contain those solutions where only one of the
objectives has an increased performance.

The trade-off between two objectives may be then realized by
choosing the solution preferably from those placed within region
I, Figs. 9–14, by identifying the Pareto front (red line1), and by mak-
ing the trade-off between the points that define the Pareto front, in
terms of the objective importance. However, when it comes to multi-
ple objectives, difficulties with using the Pareto front arise from the
fact that the best compromise between two objectives does not nec-
essarily represent the best one between some other two objectives.
Therefore, an overall performance of the objectives is needed, that

Table 7
Design variables within the size optimisation step.

Layer Placement Thickness [mm]

Lower limit Initial value Upper limit

Outer GF-csm Complete layer 0.2 0.595 1.2
Outer GF-weave - reinforcement See Fig. 8(d) 0 2.38 2.975
Outer GF-weave Complete layer 0.2 0.595 1.2
PUR See Fig. 8(a) 0 30 40
PVC See Fig. 8(b) 0 15 20
Inner GF-weave Complete layer 0.2 0.595 1.2
Inner GF-weave - reinforcement See Fig. 8(d) 0 2.38 2.975
Inner GF-csm Complete layer 0.2 0.595 1.2

Table 8
Constraints applied within the multi-objective optimisation.

Load case Constraint Description

Torsion Stiffness Kt3 P 0.5Kt2 Torsion Stiffness of the 3rd generation, Eq. (1), should be at least equal to half of the one of the 2nd generation
Bending stiffness Kb3 P 0.5Kb2 Bending stiffness of the 3rd generation, Eq. (2), should be at least equal to half of the one of the 2nd generation
Failure index F 6 0.2 The failure index F gives the failure condition of the laminate and it is determined using the Tsai–Hill criterion, Eq. (6)

1 For interpretation of color in Figs. 9–14, the reader is referred to the web version
of this article.
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relates the contribution of each objective when searching the most
beneficial overall solution. Such an overall performance function is
adapted here from [3], where proportion factors are applied to relate
the contribution of the objectives, Eq. (7).

PS ¼
Pn

i¼1pi � �Oi �
Pm

j¼1pj � �Oj

100
ð7Þ

where Ps represents the overall performance function, �Oi represents
the normalized value of the ith objective to be minimized i = 1,. . .,n;

Fig. 9. Mass vs. Torsion Stiffness.

Fig. 10. Mass vs. Bending Stiffness.

Fig. 11. Mass vs. Material Cost.

Fig. 12. Mass vs. Displacement of point C from Fig. 4(c).

Fig. 13. Mass vs. Displacement of point B from Fig. 4(f).

Fig. 14. Mass vs. Displacement of point B from Fig. 4(e).
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�Oi ¼ nðOimax � Oimin
Þ þ Oimin

; n 2 ½0;1�, �Oj represents the normalized
value of the jth objective to be maximized, j = 1,. . .,m;
�Oj ¼ nðOjmax

� Ojmin
Þ þ Ojmin

; n 2 ½0;1�, pi represents the proportion to
which the value of the ith objective contributes to the overall per-
formance function P, in percents, pj represents the proportion to
which the value of the jth objective contributes to the overall per-
formance function P, in percents, �Pn

i¼1pi þ �Pm
j¼1pj ¼ 100%.

The minimum value of the overall performance function Ps gives
the best compromise between the considered objectives while tak-
ing into account the desired value for the proportions pi and pj.

Table 9, correlated with the graphical representations shown
within Figs. 9–14, shows a selection of eight possible solutions ob-
tained by varying the proportion factor p in such a way to give dif-
ferent contributions of the objective functions to the obtained
design solution. Within Table 9, Obj columns show the resulted
values of the objective functions, for each of the possible solutions.

The solutions denoted Slocal which are shown only within
Figs. 9–14, are obtained by defining equal proportion factors (both
having a value of 50%) for each of the plotted objective functions,
on each graph. This is a simple verification that the selection meth-
od used here gives the best compromise between two selected
objectives.

Within the solution denoted S1, the contribution of the Mass
objective function has a proportion of 25%, the Material Cost 20%,
both Torsion Stiffness and Bending Stiffness objectives represent
20%, while all the remain objectives only 5% each. This case shows
a tied trade-off between objectives, where the Mass objective has
the most important influence on the solution, followed by Material
Cost, Torsion Stiffness and Bending Stiffness with equal importance.
The solution S1 gives improvements for all the objective functions
except the one corresponding to the front impact load scenario,
Fig. 14. This can be further on fine-tuned as required by redefining
the proportion factors p.

The negative sign on the proportion factor applied to Torsion
Stiffness and Bending Stiffness indicates that these objectives are
to be maximized. The minimum value obtained for the overall per-
formance function Ps is in this case equal to �0.010, which allows
further on the identification of the solution number that gives the
best overall performance, Fig. 15.

In the same manner, S2–S8 represent solutions where different
proportion factors are defined, Table 9, in order to look for extreme
dominated solutions and also to demonstrate the utility of the pro-
posed selection method. Thus, S2 represents Mass dominated solu-
tion (p = 94%). S3 and S4 represent Torsion Stiffness dominated
solution (p = �94%) and Bending Stiffness dominated solution
(p = �94%) respectively. As it was previously described, the nega-
tive sign indicates that the objective that dominates the solution
needs to be maximized. Further on, S5–S8 are solutions dominated
by objectives which are to be minimized, all of these objectives
having the proportion factor p equal to 94%. The Failure Index

constraint, Table 8, has been found to be active for seldom design
solutions; however, it was not active for the selected solutions
S1–S8, Table 9.

In order to produce such kind of overall optimum solutions by
using the herein proposed method there is a need to first define
the proportion factors p. With other words, one should be able to
answer the question: what is the proportion with which each
objective should contribute to the chosen design solution?

Table 9
Responses’ values and their corresponding proportion factors for different design solutions.

Responses Selected solutions

S1 S2 S3 S4 S5 S6 S7 S8

Obj p% Obj p% Obj p% Obj p% Obj p% Obj p% Obj p% Obj p%

Mass 1.05 25 0.80 94 1.52 1 1.72 1 1.01 1 1.68 1 1.17 1 1.61 1
Material Cost 0.83 20 0.69 1 1.69 1 1.77 1 0.56 94 2.07 1 1.78 1 1.36 1
Torsion Stiffness 1.14 �20 0.61 �1 2.79 �94 2.40 �1 0.98 �1 2.76 1 2.14 1 1.82 1
Bending Stiffness 2.10 �20 0.97 �1 1.68 �1 3.35 �94 0.94 �1 1.80 1 1.17 1 2.41 1
Displacement (front brake) 0.91 5 2.38 1 0.65 1 0.42 1 1.25 1 0.46 1 1.16 1 0.38 94
Displacement (front impact) 1.22 5 2.22 1 0.50 1 0.56 1 1.18 1 0.49 1 0.39 94 0.90 1
Displacement (curb strike) 0.65 5 1.21 1 0.37 1 0.28 1 0.69 1 0.26 94 0.42 1 0.37 1
Hill Failure Index – F 0.03 – 0.03 – 0.02 – 0.04 – 0.02 – 0.03 – 0.02 – 0.04 –
Ps �0.010 0.0264 �0.9264 �0.9293 0.0109 0.0057 0.0074 0.0051

Bold text indicates the objective that dominates each of the considered design solutions.

Fig. 15. The complete set of solutions vs. Overall performance function Ps obtained
within S1.

Fig. 16. Values of the layers’ thicknesses obtained for the Backrest body part, for the
selected design solutions.
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Each design solution corresponds to a distinct set of values for
the design variables (layers’ thickness); within the optimisation,
the design variables vary between the predefined limits.

The obtained values of the design variables are shown within
Figs. 16 and 17, for each of the selected solutions, S1–S8, for the
Backrest and Roof sections. These plots represent sections within
the composite parts, showing the thickness value for each of the
layers. The symmetric distribution of the layers comes from the
fact that symmetry constraints were considered within the optimi-
sation problem definition.

Similar plots may be generated for each part and used for
extracting the thickness that has to be used for each layer, for all
body parts, within the manufacturing process.

4. Conclusions

The composite body of a new electric vehicle – ZBee has been
optimized with respect to weight, material costs, stiffness and
strength, within an optimisation methodology that consists of
three main steps. The second step of the described optimisation
methodology (the identification of patches), implies knowledge in-
put from manufacturing experts, for which reason a fully auto-
mated methodology could not be implemented here. Future
research is required for dealing with this issue.

The proposed optimisation methodology allows generating
multiple design solutions at its end, fromwhich the most beneficial
ones are searched by following the importance allocated for each
of the objectives, using the so-called proportion factors.
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a b s t r a c t

When designing sandwich structures, different types of periodic cellular cores have been considered try-
ing to achieve higher overall bending stiffness and strength to weight ratios as a main objective. Although
most of them have proved to offer advantages in certain specific applications, there is a common draw-
back for all: complexity of the manufacturing process reflected in higher manufacturing costs. This article
aims at investigating the out-of-plane shear elastic properties Gxz and Gyz of a novel cellular core named
ExpaAsym, produced by a potentially simple manufacturing method: sheet material expansion. Numer-
ical analyses are carried out in order to study the way in which the out-of-plane shear elastic properties
modify in terms of several geometric parameters that define the topology of the structure. The numerical
results are validated through experimental tests.

� 2011 Elsevier Ltd. All rights reserved.

1. Introduction

Due to its special characteristics, the sandwich concept applied
to different industrial domains allows the designers to increase the
performances of their engineering constructions. The most impor-
tant advantage when using sandwich structures refers to high
bending stiffness and strength to weight ratios [1]. Reducing the
weight while still having the desired rigidity and strength it is a
main concern in different types of vehicle constructions (land,
sea, air or space vehicles). This will allow the reduction of the en-
ergy consumption necessary for producing the needed mechanical
work.

A typical sandwich structure consists of two face sheets with a
cellular core placed between them; this assembly is forced to act
as a unit bymeans of a jointmethod (i.e. adhesive bonding, welding,
mechanical fastening) between the face sheets and the core. While
for the exterior face sheets the selection process is mainly a matter
of the physical and mechanical properties of the material, when
choosing the cellular core one must take into consideration also
the geometric characteristics that will offer the desired mechanical
properties and a low relative density. Thus, different types of peri-
odic cellular topologies have been proposed trying to achieve higher
overall bending stiffness and strength to weight ratios. Among
these, the most known are the hexagonal honeycombs which are
also considered state of the art in aerospace applications. However,

one major drawback when using this kind of cellular cores is the
high production costs. Another disadvantage may be, in terms of
the application, the fact that the cells are closed; in the case of
open-cell topologies other functionalities can be implemented in a
sandwich assembly, thus allowing using a single sandwich assem-
bly to carry different types of loads: mechanical (static or dynamic),
acoustical or thermal loads [2]. Other proposed periodic cellular
architectures are lattice-truss structures [3,4], corrugated struc-
tures [5,6], egg-box materials [7], hollow tubes cores [8] or folded
cores [9]. In order to increase the weight specific strength, Kaze-
mahvazi et al. proposed a novel corrugation concept where the core
members consist in a sandwich configuration resulting a hierarchi-
cal sandwich structures [10]. Special cellular topologies that possess
a zero Poisson’s ratio were also developed [11,12]. Although each of
these cellular topologies may be successfully used as cores materi-
als in certain applications, there still is a main interest in finding
new simple manufacturing methods and new cellular topologies
in order to reduce the costs and thus to allow the spread of the sand-
wich structure use.

The main motivation for proposing a novel type of cellular core
concept is to obtain an open-cell structure having a low relative
density using a potentially simple manufacturing method.

The purpose of this paper is to numerically evaluate the out-of-
plane shear elastic properties Gxz and Gyz of the novel cellular core
and to study how they modify when several geometric parameters
that define the topology of the structure are varied. This would
facilitate the design of sandwich structures using homogenized
models, which is common practice. Experimental tests are con-
ducted in order to validate the numerical results.
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2. Novel cellular core

The novel cellular core named ExpaAsym is proposed as a sim-
pler produced alternative to the already known and used cellular
cores for sandwich structures mentioned in Section 1. Its topology
is illustrated in Fig. 1 where the notations represent: 1 – the ex-
panded cellular core, 2 – the contact areas with the top exterior
face sheet, 3 – the contact areas with the bottom exterior face
sheet. G denotes the expansion angle.

ExpaAsym’s main advantage is related to the simple manufac-
turing process that may be shortly described, in relation to Fig. 2,
as follows: on a continuous sheet material (zone I) a specific pat-
tern of perforations, numbered 4, and cuts, numbered 5, (zone II)
are applied; in order to create the contact areas with the exterior
face sheets of the sandwich panel, the edges numbered 2 and 3, re-
sulted after having created the perforations, are bent at an angle
equal to the desired expansion angle G (zone III); the mechanical
expansion process (zone IV) is realized by applying a displacement
Uy in the plane of the sheet material and oriented to a direction
perpendicular to the already created transversal cuts and perfora-
tions (Y-direction). Due to the stresses that appear in the sheet
material and also due to the way in which the transversal cuts
are positioned, the material starts to deform progressively in space
by local bending and thus resulting in the expanded cellular core.

In order to study its topology, a parameterized unit cell is iden-
tified, Fig. 3, where the following geometric parameters have been
defined: G – expansion angle, A – internal angle, l – length of the
cell wall, c – distance between two transversal cuts, w – width of
the unit cell, t – length of the unit cell, h – core height, g – thickness
of the sheet material.

The relative density qr of the discussed cellular structure, de-
fined as the density of the cellular material q, divided by the den-
sity of the solid the cell walls are made of, qs [13] will depend on
the geometric parameters defined in Fig. 3, according to Eq. (1):

qr ¼
q
qs

¼ g
lð1þ cosAÞ sinA

ð1Þ

This topology allows obtaining a very low relative density com-
pared to the already known cellular cores used in sandwich con-
structions. Its value will decrease while the expansion degree G
increases, Fig. 4. However, for each of the studied l/c ratios, Fig. 4,
the relative density reaches a minimum when the internal angle
A takes a value of 60� and will start to increase slowly when
A > 60�. It should be noted that for l = 2c and A = 60� the expansion
degree G = 60�, the cells take the hexagonal shape and the value of
the relative density is 0.015.

In addition to a low relative density that may be obtained and to
the simplicity of the manufacturing method, the expanded cellular
core benefits of the advantages of an open-cell structure. Thus, the
intracellular space offers the designer the opportunity to imple-
ment additional functionalities to the sandwich structure, as for
example thermal and acoustic insulation, by filling it with low den-
sity polymeric materials or using the volume for fluid flow.

3. Effective shear elastic properties of cellular structures

Most of the periodic cellular structures used as cores in sand-
wich assemblies are generally orthotropic meaning that the elastic
properties depend on the load direction. From the structural point
of view, the main function of a cellular structure used as core in a
sandwich assembly is to stabilize the lateral face sheets in order to
avoid buckling and wrinkling and to carry shear forces over its
thickness. Thus, assuming a perfect joint between the sandwich
elements, the shear elastic properties of the core will have an
important influence on the stiffness of the sandwich assembly
[1]. The novel cellular core analyzed within this paper has the pos-
sibility to easily change its shape and properties in the design pro-
cess, due to its simple manufacturing process, by modifying the
expansion angle G and implicitly the internal angle A or by chang-
ing the l/c ratio. Thus, it is important to know the way in which the
effective shear elastic properties may be modified in the design
process by choosing the shape of the structure that responds
accordingly to the needs of a specific application.

According to Hooke’s law, the shear elastic modulus of a mate-
rial represents the ratio between the shear stress and the shear
strain (G = s/c). In relation with Fig. 5, the out-of-plane elastic
shear modulus Gxz is determined using Eq. (2) where Dx represents
the displacement measured in terms of the applied force Fx and b, l,
h, represent the width, the length and the height of the analyzed
specimen. This is valid for very small displacements Dx so that
the height h of the material will remain constant. The same proce-
dure is used for determining the value of Gyz by applying the force
and measuring the displacement along the Y-direction.

Gxz ¼ sxz
cxz

¼ Fxh
Dxbl

ð2Þ

4. Numerical analysis

Quasi-static numerical analyses have been performed using the
ABAQUS/Standard software in order to evaluate the effective out-
of-plane elastic properties Gxz and Gyz. Twenty geometric cases of
the ExpaAsym structure have been considered for this investiga-
tion by varying the l/c ratio and the internal angle A. The geometric
analyzed cases are obtained by giving to the internal angle A the
following values: 30�, 45�, 60�, 75� and 90�, each for l/c = 0.5, 1,
1.75, 2. The resulted topology corresponding to the cases when
A = 60� are being illustrated in Fig. 6 for all mentioned l/c ratios.

The geometric models have been meshed using linear tetrahe-
dral solid elements of type C3D4 in order to achieve an accurate
geometry of the FE model. For each of the analyzed cases, the ap-
plied boundary condition may be described, in relation to Fig. 7,
as follows: the structure presents a symmetry plane having its nor-
mal along X-direction and an asymmetric plane having its normal
along Y-direction and thus symmetry conditions have been applied
at the end nodes of the unit cell within X-direction and asymmetry
conditions at the end nodes within Y-direction; in order to better
achieve the experimental test conditions, the amount of adhesive
applied for fixing the core within the experiments is taken into
consideration in the FE model by applying the displacement Dy
on the top set of nodes defined by ta – adhesive thickness, whichFig. 1. Novel cellular core.
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is approximated to 1 mm based on observations of test specimens;
the fixed nodes on the opposite side are treated in the same way.

While the displacementDy, having a value of 0.05 mm, was applied
on the top nodes, the reaction force Fy was measured on the fixed
bottom nodes. The same procedure was used for the X-direction,
and the effective shear modulus was evaluated as previously
described.

Fig. 2. The manufacturing principle of the proposed novel cellular core: sheet material expansion.

Fig. 3. Parameterized unit cell of the ExpaAsym cellular core.

Fig. 4. Relative density of the novel cellular core in terms of the expansion degree G,
calculated for g = 0.2 mm.

Fig. 5. Pure shear loading.
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The elastic and plastic material properties introduced in the FE
model correspond to a 304 type stainless steel: Es = 187 GPa,
m = 0.29, ryield = 181.5 MPa for ep = 0% and ryield = 645 MPa for
ep = 0.4% [14].

5. Experimental analysis

The experimental tests for determining the effective shear elas-
tic properties Gxz and Gyz have been conducted according to the
C273 ASTM standard specifications [15], using an Instron 4505 test-
ing machine, with a load cell of 100 KN. Within the experiments, a
controlled displacement was applied while the reaction force and
the relative displacement between the rigid steel blocks Dy was
measured simultaneously using an Instron 2630-032 type
extensometer, Fig. 8. The applied crosshead speed was 1 mm/min
such that the imposed strain rate was about 0.002/s.

Three geometric cases have been taken into consideration, for
both X and Y directions, corresponding to three different values
for the internal angle A (45�, 60� and 75�) For all this cases l/c ratio
remains constant, having a value of 2 (l = 2c = 10 mm).

The specimens were manufactured from a 304 type stainless
steel sheet material with a thickness of 0.2 mm, Fig. 9. The mea-
sured dimensions of the specimens are presented in Table 1, where
a comparison is made with the theoretical ones calculated in rela-
tion with Figs. 3 and 9, using Eq. (3) for the height h, Eq. (4) for the
length t and Eq. (5) for the width w of the core:

h ¼ 2ðc � bÞ sinG ð3Þ

t ¼ 2c
cosG

m ð4Þ

h ¼ 2lð1þ cosAÞn ð5Þ

Fig. 6. The FE-representation of the unit cell for A = 60�: (a) 2l = c; G = 23.41�; (b) l = c; G = 40.89�; (c) l = 1.5c; G = 52.41�; (d) l = 2c; G = 60�.

Fig. 7. Boundary conditions defined within the FE model.
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where n and m represent the number of cells along X-direction and
Y-direction respectively.

The specimens were created having a zero value for the b
parameter, Fig. 3, and thus it was considered the same for using
Eq. (3).

The core was bonded on two rigid steel blocks using Araldite�

2015, an epoxy based adhesive. It is approximated that the thick-
ness of the glue in the Z direction is 1 mm, Fig. 10.

Based on the registered load–relative displacement data, Figs.
11 and 12, the two out-of-plane effective shear properties Gxz

and Gyz have been obtained using Eq. (2), by introducing the
measured values for the reaction force Fx and Fy and for the corre-
sponding relative displacement between the rigid steel blocks Dx

and Dy.

During the tests, a digital dial gauge was used in order to ob-
serve possible variations of the core height, Fig. 8. It was observed
that the height of the core was not affected when the relative dis-
placement was less than 0.2 mm in neither of the tested cases.
Thus, the data used for calculations was taken from the very begin-
ning of the tests, at a value of 0.004 mm for the relative displace-
ment, thus assuring a linear elastic deformation of the structure
and avoiding core height variations. The dimensions of the speci-
mens used within the calculations correspond to the measured
ones, given in Table 1, which represent the average of the three
specimens tested for each case and direction.

6. Results and discussion

The values of Gxz obtained experimentally show a close correla-
tion with the numerical results, Table 2. The out-of-plane stiffness,

Fig. 8. Experimental setup.

Fig. 9. Specimen dimensions.

Table 1
Measured specimen’s dimensions compared to the theoretical ones.

Direction Case Geometric parameters w (mm) t (mm) h (mm)

l (mm) c (mm) A (�) G (�) Theoretical Measured Theoretical Measured Theoretical Measured

X 1 10 5 45 57.74 204.84 209 34.64 36 8.16 7.6
2 10 5 60 60 180 182 40 41 8.66 8.2
3 10 5 75 62.63 151.08 152 43.5 47 8.88 8.5

Y 1 10 5 45 57.74 68.28 70.5 138.56 145 8.16 8
2 10 5 60 60 60 60 140 142 8.66 8.4
3 10 5 75 62.63 50.36 50 152.25 160 8.88 9.1

Fig. 10. The joints between the core and the rigid steel blocks.

Fig. 11. Load–relative displacement curve for the case when A = 60�, G = 60�, l = 2c,
tested along X direction.

M.N. Velea et al. /Materials and Design 36 (2012) 679–686 683
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when loading within XY-plane, will increase while the l/c ratio in-
creases, Fig. 13. While for l/c > 1, Gxz reaches a minimum value
when A = 60� and increases for both A > 60� and A < 60� cases, for
l/c 6 1 the value of Gxz is no more influenced by the variations of
the internal angle A, Fig. 13.

Although small differences are observed between the numerical
and experimental obtained values for Gyz, Table 2, the experimen-
tal ones still follow the path given by the numerical model, Fig. 14:
for all l/c ratios considered in the numerical analysis, the value of
Gyz increases at the same time with the internal angle A. Based
on the developed numerical model, a higher out-of-plane shear
stiffness, when loading within YZ-plane, is obtained when l/c = 1.

Within the manufacturing process of the specimens, the
amount of glue could not be controlled to be exactly the same
for all the contact zones between the core and the rigid steel
blocks. Due to the orientation of the cell walls, the variations of
the applied adhesive amount did not present an important influ-
ence on the shear stiffness for the case when the load is applied
within the XZ-plane, Fig 10. However, when the load is applied
within YZ-plane, the stiffness may be artificially increased or de-
creased if a ‘‘too much’’ or ‘‘not enough’’ quantity of glue is applied.
This fact could be an explanation for the differences between the
obtained numerical and experimental results for the case of Gyz.
Another reason for this disagreement may be the possible influ-
ence of the specimens’ size relative to the cells size, on the
mechanical response of the whole cellular structure (size effects).
Thus, considering the specific distribution of the elements that
form the cells of the ExpaAsym structure, an important influence
of the size effect is expected to appear in the case when the load
is applied within the YZ-plane, Fig. 15. The specimens analyzed
within this article are of the same scale and thus it was not possible
to clearly observe and quantify the size effects; however, it is
expected that smaller cells or an increased number of cells will
normally conduct to stronger boundary conditions and implicitly
to higher stiffness values. As the influence of size effects on the re-
sponse of periodic cellular structures have been proved to be

important for tetrahedral truss cores [16] or honeycombs [17], fur-
ther research should be carried out in order to address this issue
when analyzing ExpaAsym structure mechanical properties.

Although bonding the core to the rigid steel blocks allowed us
to extract the out-of-plane elastic shear stiffness, cracks within
the bonded areas appeared immediately after the beginning of
the plastic deformations, Fig. 15.

Fig. 16 illustrates the Gxz and Gyz shear elastic properties ob-
tained using the validated FE model, for different geometric cases.
The cases 2 and 3 from Table 2 have been identified to give approx-
imately equal shear stiffness when the load is applied to both XZ
and YZ planes.

The specific shear elastic moduli Gxz/Gs/qr and Gyz/Gs/qr are cal-
culated and represented in Figs. 17 and 18, respectively, in terms of
the internal angle A, where Gs = 86 GPa represents the value of the
shear modulus for the material the cellular structure is made of
and qr represents the relative density of the cellular structure, de-
fined by Eq. (1). This representation allows making a comparison

Fig. 12. Load–relative displacement curve for the case when A = 60�, G = 60�, l = 2c,
tested along Y direction.

Table 2
Analyzed geometric cases and correlation between the numerical and experimental results.

Case Geometric parameters Gxz (MPa) Gyz (MPa)

l (mm) c (mm) A (�) G (�) Numerical Experimental Numerical Experimental

1 10 = 2 � c 5 45 57.74 63.98 64.50 49.53 44.17
2 10 = 2 � c 5 60 60 57.22 58.31 51.99 61.91
3 10 = 2 � c 5 75 62.63 62.06 63.04 65.1 53.16

Fig. 13. Shear modulus Gxz in terms of the internal angle A.

Fig. 14. Shear modulus Gyz in terms of the internal angle A.
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between the out-of-plane shear elastic behaviour of several types
of cores discussed in [12] and the ones of ExpaAsym cellular struc-
ture determined here. It is mentioned that, in order to have a con-
sistent comparison of the results, the thickness ratio b = 0.05,
defined in [12] as the ratio between the thickness of the base mate-
rial and the length of the cell wall, has been omitted within the cal-
culations performed for determining the specific shear elastic
moduli of ExpaAsym. Thus, when reading the data from [12] and

comparing them with the ones presented here, the results should
be multiplied by 0.05, the value of b. The literature shows that
the specific shear elastic moduli Gxz/Gs/qr and Gyz/Gs/qr vary be-
tween 0.0175 and 0.034 for honeycombs, while for the Silicomb
structure these properties vary between 0.014 and 0.032 [12].
When looking to the ExpaAsym cellular structure, the specific
shear elastic moduli vary between 0.0016 and 0.045 when loading
is applied within XZ plane, Fig. 17, while when the shear loads are
applied within YZ plane, the values obtained vary between 0.022
and 0.069, Fig. 18. The comparison of these results leads to the con-
clusion that, for certain geometric configurations, the ExpaAsym
cellular structure may give comparable performance in shear to
the most known and used cellular cores – the honeycombs. When
shear forces are applied within the YZ plane, the specific shear elas-
tic modulus rises its value while the value of the internal angle A
increases; the maximum reached value corresponds to the case
when l/c = 1 and A = 75�, Fig. 18. The internal angle presents a small
influence on the specific shear elastic modulus for the case when
the loads are applied within the XZ plane; however, a value of 2
for the l/c ratio seems to give the most favourable results.

7. Conclusions

A novel cellular topology has been developed to be used as core
in sandwich structures. Its main advantages come from a very low
relative density and a simple manufacturing process: expanding a
single sheet material. Numerical and experimental analyses of the
novel cellular core have been carried out in order to determine the
effective out-of-plane shear elastic properties Gxz and Gyz. Good
agreement was found between the numerical and experimental re-
sults, the FE model being validated. However, due to the way in
which the cell walls are distributed in space, an important influ-
ence of the joint method used for fixing the core on the rigid blocks
(adhesive bonding) has been observed on the results when analyz-
ing Gyz. Although the out-of-plane elastic shear properties have
been possible to be extracted using the adhesive bonding joint
method, further research should be carried out by using other
types of joining methods (laser welding or mechanical fastening)
for creating sandwich specimens. This will also allow studying
the plastic deformations and the collapse of the cellular structure.
The influence of the l/c ratio and of the internal angle A on the out-
of-plane shear elastic properties has been studied using the vali-
dated FE model. An increased out-of-plane shear stiffness may be
obtained in the YZ-plane if the internal angle A increases and the
maximum rigidity is reached when l/c = 1. When looking at the
XZ-plane, the out-of-plane shear stiffness increases once the l/c ra-

Fig. 15. Cracks and plastic deformation appearance.

Fig. 16. Gxz vs. Gyz.

Fig. 17. Specific shear elastic modulus in terms of the internal angle Awhen loading
is applied along X direction.

Fig. 18. Specific shear elastic modulus in terms of the internal angle Awhen loading
is applied along Y direction.
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tio increases. It is shown that, for certain specific geometric cases,
the ExpaAsym cellular structure may offer out-of-plane shear elas-
tic properties comparable to the ones of the honeycombs cores.
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a b s t r a c t

Within this paper an analytical model is presented for the calculation of the in-plane effec-
tive elastic properties Ex and Ey of a novel cellular structure which is proposed to be used as
a core in sandwich structures. The proposed cellular core may represent a less expensive
and easily to produce alternative to the already known cellular structures used for the
construction of sandwich structures. The developed analytical model is validated through
experimental tests. The results obtained by analyzing the theoretical model show a good
agreement with the tests. The structure topology is studied using a parameterized unit cell
and it is shown the way in which the in-plane stiffness depends on the geometric param-
eters and relative density of the core.

� 2011 Elsevier Ltd. All rights reserved.

1. Introduction

The sandwich concept (Zenkert, 1997) plays an impor-
tant role in the development of efficient engineering sys-
tems, due to the special characteristics and advantages
that it may offer. Among these, the most important are:
high bending stiffness to weight ratio, high bending
strength to weight ratio, high shock and vibration absorp-
tion rate, good acoustic and thermal insulation properties.
Each of these properties are prone to improvements in
terms of the application, in terms of the type of the used
cellular structure, the manufacturing methods and the
properties of each separate material which is part of the
assembly. The word core is often used to describe a cellular
structure in sandwich theory, due to its middle position
between the exterior face sheets. Many types of periodic
cellular cores have been proposed, among which the most
known being the honeycombs (Wadley, 2006). Other
proposed periodic cellular architectures are lattice truss
structures (Sypeck and Wadley, 2004; Wang et al., 2003).

Analytical models for the evaluation of the effective
mechanical properties of the cellular structures are of inter-
est, on one hand because they allow to study the way in
which these properties are influenced by the structure
topology and by different geometric parameters. Models
of this kind have been developed for the existing cellular
structures, such as honeycombs (Bezazi et al., 2005; Chung
and Waas, 2000; Gibson, 1981; Gibson and Ashby, 1999;
Gibson et al., 1982; Goswami, 2006) or lattice structures
(Deshpande et al., 2001). On the other hand, having deter-
mined the effective mechanical properties of a cellular
structure, it allows using plate and shell theory in order
to analyze the sandwich panel with finite elements, where
the corematerial is replacedwith an equivalent single layer
material of a homogenized solid. This reduces the effort of
detailed modeling and implicitly the computational cost
when simulating large structural components made of
sandwich material, as for instance a complete fuselage of
an airplane (Goswami, 2006; Sue and Whitcomb, 2008).

However, there are still limits in using sandwich struc-
tures at a large scale, mainly due to the high price coming
from the manufacturing technology of the already known
cellular cores. This is the main motivation for the present
study initiation: to propose new alternative cellular cores
to be used in the construction of sandwich structures,
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doi:10.1016/j.mechmat.2011.04.006
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having geometries that allow the reduction of the base
material consumption and less expensive manufacturing
technologies.

As a result, a novel periodic cellular structure numbered
2, Fig. 1, is proposed at Transilvania University of Bras�ov, in
order to be used as a core in sandwich structures. This cel-
lular structure is produced by the expansion of a continu-
ous sheet material that previously suffered intercalated
cuts and perforations in such away that a pattern of opened
cells is formed. Due to this simple fabrication principle and
the reduction of the basematerial consumption, this type of
coremay represent amuch less expensive and easily to pro-
duce alternative to the already known cellular structures.

In addition, the cells are formed by a continuous mate-
rial,without anybondedareas between the cells, as thehon-
eycombs have. As it will be shown further on, the relative
density that may be obtained is very low, compared to the
honeycombs, allowing for designing ultra-light sandwich
structures. Being a structure with open cells, the intercellu-
lar space gives to the designer the opportunity to implement
additional functionalities to the sandwich structure.

The proposed cellular structure presents some contact
areas, noted 4, which the two exterior face sheets num-
bered 1 and 3 will be in contact with, Fig. 1. As shown in
Fig. 2, the contact area will vary in terms of the cell wall
length l and the value of b which represents half of the
width of the perforation.

The aim of this paper is to analytically evaluate the in-
plane effective elasticity Ex and Ey of the proposed cellular
core as a unit. This will further allow studying the influ-
ence of the cellular topology on these effective properties.
The results obtained through analytical calculations are
compared with the ones of experimental tests and thus
the proposed analytical model is validated.

2. Cellular structure topology

Fig. 2 depicts a representative unit cell of the structure
where g is the thickness of the base material, c is the dis-
tance between two transversal cuts and l is the length of
the cell wall.

The expansion degree, denoted as G, is the geometrical
parameter on which the topology of the proposed cellular
core is primarily dependent and it is derived as:

G ¼ tan�1 l sinðAÞ
c

� �
ð1Þ

Fig. 3 shows the way in which the internal angle Amodifies
in terms of the expansion degree G at different l/c ratios. It
should be noted that at a value of 60� for G and when l = 2c,
the internal angle A will be 60�, which will give a hexago-
nal shape to the cells. Nevertheless, considering the sand-
wich effect, in order to obtain a high second moment of
inertia, the expansion degree G should be large, resulting
in a greater height of the core.

Depending on the internal angle A and expansion de-
gree G, the height h, the length t and the width w of the
unit cell can be calculated as:

h ¼ 2ðc � bÞ sinðGÞ ð2Þ

t ¼ 2c
cosG

ð3Þ

w ¼ 2lð1þ cosðAÞÞ ð4Þ
An important characteristic of a cellular structure is the
relative density qr, defined as the density of the cellular
material q, divided by the density of the solid the cell walls
are made of, qs (Gibson and Ashby, 1999). In the case of the
discussed cellular structure, the relative density will de-
pend on the geometric parameters according to Eq. (5):

qr ¼
q
qs

¼ g
ð1þ cosAÞl sinA

ð5Þ

Fig. 4 shows the manner in which the relative density var-
ies in terms of the internal angle A, considering also differ-
ent values for the l/c ratio and a value of 0.2 mm for g, the
thickness of the base material. It may be observed that the
lowest relative density is obtained when the internal angle
A equals 60�.

According to this cellular topology, the consumed base
material is significantly diminished when compared to
the hexagonal honeycombs. This difference becomes obvi-
ous when looking at the quantity of the base material nec-
essary for producing 1 m2 of cellular material, Fig. 5 for the
hexagonal honeycomb and Fig. 6 for the proposed cellular
core, considering different values for the l/c ratio and for
the internal angle A, the geometrical parameters for the
hexagonal honeycomb being identified on a unit cell, Fig. 7.

3. Analytical modeling

The analytical relations for the calculation of the two in-
plane Young’s moduli, Ex and Ey are derived with the help
of Castigliano’s second theorem, an approach based on en-
ergy methods, used to determine the displacements in lin-
early elastic structures.

The strain potential energy stored in a volume V of a
body in equilibrium conditions can be expressed as (Reddy,
2002):

U ¼
Z
V

re
2

dV þ
Z
V

sc
2
dV ð6Þ

where r is the normal stress, s is the shear stress, e is the
normal strain and c is the shear strain.

Fig. 1. Sandwich panel consists of two face sheets (1–3) and the proposed
cellular core (2).
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If a loading composed of bending and torsional
moments is considered and the material complies with
Hooke’s law (r = Ee and s = Gc), the above equation
becomes:

U ¼
Z
V

r2

2E
dV þ

Z
V

s2

2G
dV ð7Þ

In case of an Euler beam of length l, Eq. (7) may be rewrit-
ten as:

U ¼
Z
l

M2

2EI
dxþ

Z
l

T2

2GJ
dx ð8Þ

where M is the bending moment and T is the torsional
moment.

According to Castigliano’s second theorem, assuming
linear elastic deformations, the displacement dj of the point
of application j of the force Fj in the direction of Fj can be
determined as (Reddy, 2002):

dj ¼ @U
@Fj

ð9Þ

where U is the strain potential energy.
By replacing U from the above relation with Eq. (8),

Eq. (9) becomes:

@j ¼ @

@Fj

Z
l

M2

2EI
dxþ @

@Fj

Z
l

T2

2GJ
dx

¼ 1
EI

Z
l
M

@M
@Fj

dxþ 1
GJ

Z
l
T
@T
@Fj

dx ð10Þ

Fig. 2. Representative unit cell of the proposed cellular core.

Fig. 3. Relation between the internal angle A and the expansion degree G.
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The displacements determined using the above relation
will be further on used to obtain the analytical relations
for the calculation of the in-plane effective mechanical
properties Ex and Ey.

3.1. Effective Young’s modulus Ex

Once the displacements are determined with the help of
Eq. (10), the effective strain is calculated as the ratio be-
tween the displacement and the initial height of the struc-
ture. The effective in-plane stress introduced in the
structure will be obtained as the ratio between the applied
force and the theoretical area. Finally, the effective elastic

moduli of the structure will be determined as the ratio be-
tween the calculated stress and strain.

Thus, Ex of the proposed cellular structure is obtained
considering a quarter of a unit cell formed by three straight
elements, Fig. 8. The loading consists of a force Fx and an
end moment MZ0 which is related to Fx by
MZ0 ¼ ðFxl sinðAÞÞ=2; both are applied to the node denoted
A, Fig. 8. On the other side, the node named D has been
clamped. As long as these three beam elements represent
a quarter of the unit cell, the width of the element num-
bered 3 has the value of c, Fig. 2; this means that one edge
of the element 3, along its length, is not actually free, as it
was assumed in this model. In reality, this beam is linked

Fig. 4. Relative density in terms of the internal angle A.

Fig. 5. The consumption of the base material necessary for producing 1 m2 of hexagonal honeycomb structure.
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with a similar one from another quarter of the unit cell.
However, it is expected that this assumption will not sig-
nificantly affect the results as long as the important defor-
mations will be recorded in the elements numbered 1 and
2, Fig. 8.

Following Eq. (10) and considering a pure bending mo-
ment loading, the displacement of the point of application
of Fx along the X direction is determined as:

dx ¼
Xn
i¼1

1
EiIz0

i

Z
li

M
@Mi

@Fx
dx ð11Þ

where i = 1. . .3 represents the number of straight elements
the analyzed structure is made of.

Table 1 presents the distribution of the moments along
the 3 elements, as well as the partial derivative of the
moment, in terms of the load applied Fx and the rigidities
for each element. Thus, according to Eq. (11), the displace-
ment will be:

dx ¼ Fxl
3 sinðAÞ2
3Iz0Es

ð12Þ

The effective strain �x will be therefore calculated as:

�x ¼ 2dx
w

¼ Fxl
2 sinðAÞ2

3Eslz0 ð1þ cosðAÞÞ ð13Þ

The effective in-plane stress rx introduced in the structure
is:

rx ¼ Fx

2cl sinðAÞ ð14Þ

If the elements have a rectangular cross section, with
Iz0 ¼ cg3=12, the effective Young’s modulus Ex is further ob-
tained as the ratio between rx and ex given by Eqs. (13) and
(14):

Ex ¼ g3Esð1þ cosðAÞÞ
8l3 sinðAÞ3

ð15Þ

Fig. 6. The consumption of the base material necessary for producing 1 m2 of the proposed cellular structure.

Fig. 7. Unit cell of a hexagonal honeycomb.

Fig. 8. Loading of a quarter unit cell along X direction.
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3.2. Effective Young’s modulus Ey

Ey of the proposed cellular structure is obtained through
almost the same procedure as Ex, but when taking into con-
sideration the tri-dimensional distribution of the structure,
Fig. 9, for the calculation of the displacement dy, the prob-
lem is reduced to two bi-dimensional loading cases,
Fig. 10(a) and (b), and respectively to the calculation of
two displacements dy0 and dz0 . The displacement dy will be
therefore determined using Eq. (16):

dy ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
d2y0 þ d2z0

q
ð16Þ

In the first case, Fig. 10(a), the loading consists of a force Fy0

and an end moment Mz0 which is related to Fy0 by
Mz0 ¼ ðFy0 lðcosðAÞ þ 1ÞÞ=2; both are applied to the node de-
noted A. In the same way as described at Section 3.1, the
node named D has been clamped and it was also assumed
that the element numbered 3 has free edges over its
length. Following Eq. (10) and considering a pure bending
moment loading, the displacement of point of the applica-
tion of Fy0 along Y0 direction is determined as:

dy0 ¼
Xn
i¼1

1
EiIz0

i

Z
li

Mi
@Mi

@Fy0
dx ð17Þ

where i is the number of the straight elements the ana-
lyzed structure is made of.

Considering Table 2 and Eq. (17), the displacement dy0 is
obtained as:

dy0 ¼ Fy0 l
3ð3þ 3 cosðAÞ þ 2 cosð2AÞÞ

12Iz0Es
ð18Þ

In the second case, Fig. 10(b), the loading consists of a force
Fz0 , an end bending moment My0 which is related to Fz0 by
My0 ¼ ðFz0 lð1þ cosðAÞÞÞ=2 and an end torsional moment
T =Mx which is related to Fz0 by Mx ¼ ðFz0 l sinðAÞÞ=2. Both
force and moments were applied to node A. Following
Eq. (10) and considering both bending and torsional
moment deformations, the displacement of point of the
application of Fz0 along Z0 direction is determined as:

dz0 ¼
Xn
i¼1

1
EiIy0

i

Z
li

Mi
@Mi

@Fz0
dxþ

Xn
i¼1

1
GiJi

Z
li

Ti
@Ti

@Fz0
dx ð19Þ

where i is the number of the straight beams the analyzed
structure is made of.

Considering Table 3 and Eq. (19), the displacement dz0 is
obtained as:

dz0 ¼ Fz0 l
3ð6ly0 sinðAÞ2Es þ 4Jð3þ 3 cosðAÞ þ 2 cosð2AÞÞGsÞÞ

48JIy0EsGs

ð20Þ

Table 1
Bending moments distribution through the straight elements when applying a force Fx along X-direction.

Interval Bending moment M @M
@Fx

Rigidity Limits of integration

A–B � Fx l sinðAÞ
2 � l sinðAÞ

2
EIz0 0� l

2

B–C � Fx l sinðAÞ
2 þ Fxx sinðAÞ � l sinðAÞ

2 þ x sinðAÞ EIz0 0 � l

C–D Fx l sinðAÞ
2

l sinðAÞ
2

EIz0 0� l
2

Fig. 9. Loading of a quarter unit cell along Y direction.

Fig. 10. Loading cases for the calculation of Ey: (a) loading along y0 ,
(b) loading along z0 .
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The displacement dy is therefore obtained by substituting
Eqs. (18) and (20) in Eq. (16):

The effective strain �y is further obtained as:

�y ¼ dy
l sinðGÞ þ c cosðGÞ ð22Þ

The effective stress ry introduced in the structure is given
by Eq. (23):

ry ¼ 2Fy

wl cosðGÞ ¼
Fy

l2 cosðGÞð1þ cosðAÞÞ
ð23Þ

Finally, considering the elements having a rectangular
cross section, with Iz0 ¼ cg3=12, Iy0 ¼ gc3=12, and
J = cg(c2 + g2)/12, the effective Young’s modulus Ey is fur-
ther obtained as the ratio between ry and ey given by
Eqs. (23) and (22):

4. Experimental analysis

In order to verify the above derived analytical expres-
sions, experimental compression tests have been carried
out on an LFPlus testing machine, produced by Lloyd
Instruments, with a load cell of 1KN. At the beginning of
the analysis, three geometric cases have been taken into

consideration corresponding to cases 1, 3 and 5 from Table
4. The corresponding dimensions of the specimens are:

74.6 � 28.2 � 5.6 mm – for case 1, 60 � 40 � 6.9 mm –
for case 3 and 40.5 � 44.7 � 7.1 mm – for case 5. These
dimensions may be also checked using Eq. (2)–(4), consid-
ering two cells in both X and Y directions. Later on, two
additional geometric cases (2 and 4 from Table 4) have
been included, because unexpected results have been ob-
tained when determining the value of Ey for the case 1.
The structure base material is a 304 type stainless steel
with Es = 2.01 � 105 MPa. The applied crosshead speed
has been of 5 mm/min. In order to ensure a uniform distri-
bution of the load over the entire loading surface of the
specimen, the load has been applied through a spherical
bearing block. In addition, in order to ensure that the
displacement of the crosshead is applied exactly along
the X direction and respectively Y direction of the cellular

structure, a right angle has been used to orient de speci-
men. A very small preload has been applied in order to re-
tain the correct orientation of the specimens. The position
of the specimens prepared for the tests is illustrated in
Fig. 11.

The two in-plane effective Young’s moduli Ex and Ey
have been determined as the ratio between the measured

Table 2
Bending moments distribution through the straight elements when applying a force Fy0 along Y0-direction.

Interval Bending moment M @M
@Fy

Rigidity Limits of integration

A–B Fy0 lðcosðAÞþ1Þ
2 � Fy0 x

l cosðAÞþ1
2 � x EIz0 0� l

2

B–C Fy0 lðcosðAÞþ1Þ
2 � Fy0 l

2 � Fy0 x cosðAÞ l cosðAÞþ1
2 � l

2 � x cosðAÞ EIz0 0 � l

C–D Fy0 lðcosðAÞþ1Þ
2 � Fy0 l

2 � Fyl cosðAÞ � Fy0 x
l cosðAÞþ1

2 � l
2 � l cosðAÞ � x EIz0 0� l

2

Table 3
Bending and torsion moments distribution through the straight elements when applying a force Fz0 along Z0-direction.

Interval Bending moment M, torsional moment T @M
@Fz0

; @T
@Fz0

Rigidity Limits of integration

A – B M ¼ � Fz0 lðcosðAÞþ1Þ
2 þ Fz0 x @M

@Fz0
¼ � lðcosðAÞþ1Þ

2 þ x EIy0 0� l
2

B – C M ¼ � Fz0 lðcosðAÞþ1Þ
2 þ Fz0 l

2 þ Fz0 x cosðAÞ @M
@Fz0

¼ � l cosðAÞþ1Þ
2 þ l

2 þ x cosðAÞ EIy0 0 � l

C – D M ¼ � Fz0 ðl cosðAÞþ1Þ
2 þ Fz0 l

2 þ Fz0 l cosðAÞ þ Fz0 x @M
@Fz0

¼ � l cosðAÞþ1Þ
2 þ l

2 þ l cosðAÞ þ x EIy0 0� l
2

T ¼ �Fz0 l sinðAÞ þ Fz0 l sinðAÞ
2

@T
@Fz0

¼ �l sinðAÞ þ l sinðAÞ
2

GJ

dy ¼ Fyl
3

24Es

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
4ð3þ 3 cosðAÞ þ 2 cosð2AÞÞ2 sinðGÞ2

l2z0
þ cosðGÞ2ð3Iy0 sinðAÞ2Es þ 2Jð3þ 3 cosðAÞ þ 2 cosð2AÞÞGsÞ2

J2I2y0G
2
s

vuut ð21Þ

Ey ¼ 2Esc3g3ðc þ l tanðGÞÞ
l5ð1þ cosðAÞÞ

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
4c4ð3þ 3 cosðAÞ þ 2 cosð2AÞÞ2 � sinðGÞ2 þ g4 cosðGÞ2ð3c2 sinðAÞ2Esþ2ðc2þg2Þð3þ3cosðAÞþ2cosð2AÞÞGsÞ2

ðc2þg2Þ2G2
s

r ð24Þ
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stress and engineering strain. Both have been calculated at
the engineering strain level of 0.01%, thus assuring a linear
elastic deformation of the structure and avoiding the out-
of-plane deformations. Figs. 12 and 13 show the resulted
strain-stress dependencies for the two loading conditions
(in-plane compression along X and Y directions) and the
values obtained for Ex and Ey, for the geometry described
in case 2.

5. Results

The Young’s moduli obtained through the experimental
tests are very close to the ones resulted from the analyti-
cal model, for the cases when the internal angle AP 45�,
Table 4.

The values predicted by the analytical model follow
the path given by the experiments: while the value of
the internal angle A rises, the value of Ex decreases,
Fig. 14, and the value of Ey increases, Fig. 15. However,
for the analyzed case 1 (A = 30�), the theoretical results
slightly differ from the tests: the experimental value of
Ey is higher and the one of Ex is lower when being com-
pared to the theoretical value. In order to obtain a more
accurate path of the experimental results, two additional
geometric cases (2 and 4 from Table 4) have been consid-
ered for determining the value of Ey. The obtained results
validate the analytical model for the cases when the
internal angle A takes values between 45� and 90�. Table
4 shows a comparison between the experimental and the-
oretical results. The differences may be interpreted as a
consequence of the following practical fact: in order to
simplify the analytical model, the value of b is assumed
to be equal to zero while, in reality, the specimens have
a value of 1mm for the b parameter; this value contrib-
utes to avoiding the crack propagation during the manu-
facturing process of the cellular structure, i.e. the
expansion of the metal sheet. In addition, the cells walls
are not perfectly plane, due to the manufacturing process.
They suffer small deformations in the out of plane direc-
tion. These imperfections are not taken into account with-
in the developed analytical model. However, the effect of
geometric imperfections on the behavior of cellular
structures is of high importance, several works being
carried out in this direction (Chung and Waas, 2002a,b;
Silva et al., 1995). This may be a reason for the fact that
the theoretical model, where the geometry is consid-
ered to be perfect, predicts higher values than the exper-
iments have shown. The influence of geometric
imperfections on the in-plane properties of the expanded
cellular core is considered to be addressed in a future
research study.

6. Parameter study

Based on the developed analytical model, validated
through experimental tests, the effective elastic moduli
for the X and Y direction can be represented in terms of
the geometrical parameters of the cellular structure.
Fig. 14 shows the manner in which Ex modifies in terms
of the internal angle A; Ex decreases with an increase of
A. It can be also noticed that Ex diminishes while the length
of the cell wall l increases. The distance c between two
transversal cuts does not affect the value of Ex.

Ey slightly rises in value while the internal angle A in-
creases its value, Fig. 15. In addition to this, it may be no-

Table 4
Analytical and experimental results for the case when Es = 2.01 � 105 MPa, g = 0.2 mm.

Case Geometric parameters Ex (MPa) Ey (MPa)

l (mm) c (mm) A (�) G (�) Analytical Experimental Analytical Experimental

1 10 = 2 � c 5 30 45 3.001 2.115 0.128 0.331
2 10 = 2 � c 5 45 57.74 – – 0.216 0.236
3 10 = 2 � c 5 60 60 0.464 0.477 0.395 0.389
4 10 = 2 � c 5 75 62.63 – – 0.855 0.885
5 10 = 2 � c 5 90 63.43 0.201 0.203 2.247 2.395

Fig. 11. The position of the specimens prepared for the experimental
compression tests: (a) loading along Y-direction and (b) loading along X-
direction.
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ticed that a smaller value for the l/c ratio implicitly in-
creases the value of Ey.

As being expected, while Ex reduces its value with an in-
crease of A, Ey varies in an opposite way. This will force the
designer to solve a trade-off problem between the value of
Ex and Ey, in terms of the requirements of the application
where the cellular structure will be used.

If Ex and Ey are plotted one against the other, Fig. 16, it
may be observed that both rise in value while decreasing
the l/c ratio. Still, when l/c 6 1, the value of Ex is no more
affected. For few specific geometric topologies, the cellular
structure manifests transverse isotropy of elastic proper-
ties in such a way that the value of Ex equals the value
of Ey for both X and Y directions. The values for the
geometric parameters that give these particular cases

are presented in Table 5. These results have been ex-
tracted using the validated analytical model, for a number
of 8 discrete values taken by the l/c ratio and by the inter-
nal angle A, with the corresponding expanding degree G.
As the value of the internal angle A increases, the discrete
values become denser, Fig. 16, and the difference between
the values taken by Ex and Ey becomes smaller. Except
these particular geometric cases, the cellular core shows
orthotropic behavior.

The normalized effective elastic moduli of the proposed
cellular structure, for X and Y direction, are shown in Figs.
17 and 18, while the relative density varies. In Section 2, it
has been emphasized that for each of the considered l/c ra-
tio, the lowest relative density is reached when the cells
have a hexagonal shape (A = 60�). Bearing this in mind,

Fig. 12. Compression test results – X direction, for the geometry described in case 3.

Fig. 13. Compression test results – Y direction, for the geometry described in case 3.
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one should be able to identify, from Figs. 17 and 18, the l/c
ratios that offer higher in-plane stiffness while keeping a
low weight of the core.

7. Conclusions

The main motivation for this study is to propose new
alternative cellular cores to be used in the construction
of sandwich structures, having geometries that allow the
reduction of the base material consumption and less
expensive manufacturing technologies.

As a result, this paper presents a novel cellular structure
that is proposed to be used as a core in sandwich panels. It
aims to develop an analytical model for the in-plane effec-
tive elastic properties of the proposed cellular structure
which is validated through experimental tests. The results
obtained through the theoretical model show a close corre-
lation with the tests results when the internal angle A takes

values between 45� and 90�. This interval represents the
feasible region when designing such a cellular core be-
cause, in order to obtain a high second moment of iner-
tia, the height of the core h should be as large as
possible, which also implies a higher value of the expan-
sion degree G and implicitly of the internal angle A. The
structure topology is analyzed using a parameterized unit
cell and the effective Young’s moduli are studied in terms
of the geometrical parameters of the core, using an original
analytical model. It is presented the way in which the val-
ues of the geometrical parameters should be chosen in or-
der to increase the in-plane stiffness of the cellular
structure.

The lowest relative density is obtained at a value of 60�
for the internal angle A. In addition, when l/c ratio equals a
value of 2 and A is 60� in value, the expansion degree Gwill
have also a value of 60�; this configuration will give the
hexagonal shape of the cells.

Fig. 14. Effective elastic modulus Ex vs. internal angle A.

Fig. 15. Effective elastic modulus Ey vs. internal angle A.
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Fig. 16. Ex vs. Ey.

Table 5
The values of the geometrical parameters that gives a transverse isotropic behavior of the cellular core.

Variable parameters Fixed parameters Ex (MPa) Ey (MPa)

l (mm) c (mm) A (�) G (�)

5 20 = 4 � l 15 3.702 Es = 201000 MPa g = 0.2 mm 182.3 216
5 15 = 3 � l 20 6.504 77.96 74.4
5 10 = 2 � l 35 16 15.5 19.1
5 5 = l 55 39.32 4.603 5.814
7.5 = 1.5 � c 5 60 52.41 1.1 1.201
10 = 2 � c 5 65 61.11 0.384 0.5
15 = 3 � c 5 65 69.81 0.113 0.122
20 = 4 � c 5 65 74.58 0.048 0.048

Fig. 17. Normalized elastic modulus – X direction vs. relative density.
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The in-plane stiffness increases in both directions while
the l/c ratio decreases. However, a lower value for the l/c
ratio would also add weight to the cellular structure by
increasing the relative density.

For some particular geometric cases, the analyzed cellu-
lar structure is transversely isotropic, having the X–Y plane
as the plane of isotropy. Due to a high number of parame-
ters that may vary, the in-plane stiffness of the expanded
cellular structure can be easily changed during the design
process, in terms of the application.

Some of the strengths of this new expanded cellular
core are: it represents a less expensive alternative to the al-
ready known cellular architectures, due to a reduced quan-
tity of the used base material and due to the simplicity of
the manufacturing method; the cells are formed by a con-
tinuous material, without any bonded areas as the honey-
combs have; the relative density that may be obtained is
very low, comparing to honeycombs, allowing to designing
ultra-light sandwich structures; it is a cellular structure
with open cells, giving the opportunity to implement addi-
tional functions to the sandwich structure. These are all
arguments for using the proposed structure in the con-
struction of sandwich panels, for applications where these
strengths are fully exploited.
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Abstract. Damping material characteristics are important to be considered in dynamic numerical 
simulations in order to obtain accurate results.  The dependency between the critical damping fraction 
and frequency is experimentally determined within this article for a novel thermoplastic composite 
material - poly-ethylene terephthalate fiber reinforced poly-ethylene terephthalate (SrPET). The 
article explains the theoretical background used for obtaining the values of damping ratio. A curve 
fitting process is applied in order to identify the mathematical function that best fit the experimental 
data. It is shown that the damping ratio varies with frequency by following an exponential function. 
The influence of material damping characteristic is evidenced through a case study where a flat plate 
of SrPET is subjected to an impulse unit force. The results indicate, as expected, a high sensitivity to 
damping data. 

Key words: damping ratio, poly-ethylene terephthalate, self-reinforced-polymer. 

1. INTRODUCTION 

An intelligent use of composite materials and structures may provide important benefits with respect to 
different engineering systems’ performance criteria. This may refer to lightweight design which is important 
in order to reduce energy consumption of the system in use and to save material resources [1]. The 
performance criteria may also refer to mechanical characteristics as high stiffness and strength or high 
impact performance [2–4], special thermal properties [5, 6] or electric properties [7]. A large spectrum of 
characteristics is therefore attainable when combining several materials by following a specific way dictated 
by the application needs [8].  

Although the individual characteristics of polymers may not be attractive when looking at mechanical 
properties, their properties may be improved for example through reinforcements. Novel composite materials 
related to high specific performance criteria are continuously proposed. Additional benefits as recycling 
potential is also of high importance nowadays [9]. One category of such novel materials are the self-
reinforced polymers: SrPET – self-reinforced poly-ethylene terephthalate [10, 11] or SrPP – self-reinforced 
polypropylene [12–14]. The SrPET is a poly-ethylene terephthalate matrix reinforced with poly-ethylene 
terephthalate fibres. However, their melting temperature is different; details about the manufacturing process 
of the SrPET are given within the 3rd section of this article.  

Especially when working with ductile materials, as the case of the SrPET, the dynamic numerical 
analysis may be inaccurate if the damping characteristic is not considered [15]. However, this type of data is 
not usually found on the material supplier and must be determined by the user. 

The purpose of this article is to determine the dependency between damping ratio and frequency for the 
SrPET material. This data is usually required in a tabular form within the dynamic FE analyses. The 
influence of the damping ratio on the dynamic simulations is afterwards investigated within a numerical case 
study. Conclusions are drawn eventually based on the obtained results. 
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2. DAMPED RATIO IDENTIFICATION. 
THEORETICAL BACKGROUND 

The modal parameters can be found using the so-called frequency domain methods. These methods are 
based on estimators that are frequency response functions defined with some frequency dependent functions 
as: Auto Spectral Density of the force excitation )(ωffS , Auto Spectral Density of the response )(ωxxS , the 

Cross Spectral Density between the response and the force excitation )(ωxfS , and the Cross Spectral Density 

between the force excitation and the response )(ωfxS . According to Heylen, W. et. al. [16], the main 
estimators used in modal analysis are the following: 
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The H3 estimator is used when the signal to noise ratio is approximately the same at the input and at the 
output. By considering the influence of the noise, the two estimators given by the equations (1) and (2) can 
be rewritten as: 
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where )(ωnnS  is the Autospectra of the noise on input signal, and 
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where )(ωnmS  represents the Autospectra of the noise on output signal. 
By considering the equations (4) and (5) it yields that the estimator 1H  will suffer most at the 

resonance; therefore, 2H  is a better indicator near resonance. In addition, the estimator 1H  is used in case of 
a low noise at input, while 2H  is mainly used when it is a low answer on response. 

The quality of the data is evaluated by the coherence function: 
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In general, the range value of the coherence function is of 10 2 ≤≤γ . For 02 →γ  the signal is pure 

noise while for 12 →γ  a signal without noise is obtained. As it is mentioned within the basic theory of 
modal analysis, the data with a coherence of less than 0.75 are not used in practice [16]. 

Another method that can be used in damping ratio evaluation is the so called “Power Input Method “ 
(PIM) that is based on the comparison between the dissipated energy of a system to its maximum total 
energy under vibration per radians [17]. This method is unbiased at the natural frequencies of the defined 
modes. In fact, the method allows the loss factors and the damping ratio to be found at different frequencies. 
The analyzed structure is divided into  n  areas, each one having a partial mass ( )nimi ,1=  [16]. 

For a structural system, the damping loss factor per cycle, in the frequency band centered at a 
considered frequency ω , is defined as follows [18]: 
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( )
t

d

E
E

=ωη , (7)

where dE  is the dissipated energy by damping, and tE  represents the time averaged total energy of the 
system (the strain energy). 

The dissipated energy dE  can be evaluated using the simultaneous measurements of the force and 
velocity at the point of energy input with the formula: 
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where ( )ωxxH  represents the driving point mobility frequency transfer function (input-response in the 
application point of the force). 

Thus, the strain energy cannot be directly found from the measurements of the force; the velocity it is 
necessary to be replaced with twice the kinetic energy and the system has to be approximated by a 
summation as opposed to a volume integral [18]: 
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where )(ωiiS is the power spectral density of the velocity response at each measurement location. 
By considering that all the n  measurement points are uniformly spaced throughout the system and the 

mass is divided in equal mass ratio, the damping loss factor for the considered system can be found with the 
relation [18, 19]: 
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where yxH  is the frequency transfer function of the mobility between the driving point x  and a measuring 
point y . 

Further on, by considering the value of the damping loss factor given by (10), one can calculate the 
damping ratio from the following relation: 

( ) ( )ωζωη 2= . (11)

3. EXPERIMENTAL INVESTIGATION 

3.1. The novel material under study 

The investigated material is made of poly-ethylene terephthalate reinforced with fibre poly-ethylene 
terephthalate (SrPET). The SrPET material used in this study was supplied by Comfil®APS and is a 
commingled balanced 2/2 twill fabric with a weight of 0.75 kgm-2 and 50% reinforcement fibers. It is 
presented as a plate made of 6 layers of fabric, with the plate thickness of 2.7 mm and a material density of 
1 380 kg⋅m-3. 

The SrPET composite consists of a low melting temperature poly-ethylene terephthalate (PET) matrix 
and a high tenacity poly-ethylene terephthalate (PET) fiber material. The melting temperature of the PET 
matrix is around 170°C while the PET fiber melts at 260°C. A good consolidation is obtained if the 
temperature is high enough to melt the matrix and wet the fibers but not too high so that the fibers degrade 
and lose their reinforcing properties. According to a previous study [10] laminates with good mechanical 
properties can be consolidated at 220°C for 20 min under a pressure of 1.5bar. 



4 Marian Nicolae VELEA, Simona LACHE, Ioan Calin ROSCA  339

3.2. The experimental set-up 

The aim of the considered Experimental Modal Analysis (EMA) is to obtain the modal parameters 
(natural frequencies, damping ratios or damping loss factors and modal constants or modal amplitudes) from 
measured vibration data. A mathematical relation for the global value of the damping ratio ζ  as function of 
frequency value is searched based on the above theoretical considerations and EMA. 

This experimental investigation is carried out in order to determine how the critical damping ratio ζ  
varies in terms of frequency. 

A Brüel & Kjær equipment was used for the modal analysis, consisting of: a shaker type 4810, three 
accelerometers type 4517-002, PULSE 12 platform connected to a PC. The data acquisition and post 
processing results were performed using two soft modules type 7709 and type 7770-6. 

The dimensions of the tested composite plate were 300 × 300 mm and the plate was supported by a soft 
polymeric sponge, thus establishing the so-called free-free conditions. A mesh was drawn on the plate 
(square elements 50 × 50 mm) in order to arrange the accelerometers in the mesh nodes (Fig.1).  

The SIMO test was chosen as testing method by considering the shaker fixed in a reference point, the 
middle of the plate. The applied signal was a true random signal in the range 0–1600 Hz used in parallel with 
a Hanning window to minimize the leakage. In the same time a spectrum averaging was used in order to 
excite the non-linearity in the structure. 

 
Fig. 2 – Experimental set-up. 

 The values of interest for modal parameters can be obtained based on the modal analysis 
identification extraction. The extraction method can be one of the following: the peak amplitude method, 
the quadrature response method, the maximum quadrature component method, the maximum frequency 
spacing method, the circle fitting method, or the inverse method. The peak amplitude method was the 
method used within this investigation. According to this method, at the vicinity of the resonance, the FRF 
is dominated by the contribution of that vibration mode while the contributions of other vibration modes 
are negligible. The FRF graph shows the natural frequencies that are the peaks of FRF. By considering the 
half power method, the modal damping ratios from the sharpness of the peaks are found. The used FRF 
was the mobility one and the resulted functions and the coherence functions were measured in all 9 nodes 
of the defined mesh. 

1 2 3 

4 5 6 

7 8 9 

shaker 
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soft 
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3.3. The results 

The obtained set of data was further on processed and interpreted in order to determine a mathematical 
relation between frequency and the critical damping fractionζ . The Frequency Response Functions (FRFs) 
were recorded for all nine points (Fig. 1). In Figs. 2a, 3a, and 4a there are presented the mobility FRFs for 
the points , , and  from Fig. 1. The measured values were read and for each natural frequency the 
correspondent value of the coherence was analysed (Figs. 2b, 3b, and 4b). From each diagram one can read, 
in the considered range, the values of natural frequencies and the values of damping ratio. The considered 
data are validated by correlation to the coherence values (Fig. 2b, 3b, and 4b). 
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Fig. 2 – Data recorded for the accelerometer 1: 
a) frequency response function; b) coherence function. 
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Fig. 3 – Data recorded for the accelerometer 2: 
a) frequency response function; b) coherence function. 

The proper values of the frequencies and of the damping ratios were chosen by considering the limits 
of the coherence functions (Fig. 5). A relatively scarce distribution for the measured values of ζ  in terms of 
frequency can be noticed from Fig. 5, i.e. ζ  determined on the 9 measured points varies significantly within 
small intervals of frequencies. This was an expected behavior and it is explained by the structural non-
homogeneity of the material. In reality, the tested material is not homogeneous and isotropic, therefore
differences in values of the damping ratio measured in different points can be observed. 

In order to deal with this problem, an arithmetic mean was calculated for the values of ζ founded 
within intervals of 20 Hz; the resulted points are illustrated in Fig. 5 as filled circles. 
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Fig. 4 Data recorded for the accelerometer 3: 
a) frequency response function; b) coherence function. 

 
Fig. 5 – Damping ratio as a function of frequency for poly-ethylene terephthalate 

reinforced with fiber poly-ethylene terephthalate (SrPET). 

The mean values are used further on to curve fit data and to find out the mathematical function ξ(f). 
The best fit is obtained by an exponential function (12): 

4465.05863.0)( −= ffξ . (12)

This relation will be further on implemented within a numerical simulation 

4. CASE STUDY 

4.1. Numerical model 

A numerical approach is further on used in order to study the influence of the damping data on the 
dynamic response of a structure. The developed numerical model consists of a flat plate, having a thickness 
of 2.7 mm, clamped at two opposite edges (Fig. 6). 
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Fig. 6 – Boundary conditions considered within the simulation. 

A Dirac delta function is considered to model the excitatory force (unit force). S4R elements are used 
to create the mesh and the SrPET material is assumed to be isotropic, having the following material 
properties: E = 5300 MPa, ν = 0.3 and ρ = 1380 kg/m3. The analysis is carried out in two steps. Firstly, a 
frequency step is done, where the first 50 eigenvalues are determined by using the Lanczos eigensolver. 
Secondly, a modal dynamic step is considered, where the critical damping fraction is defined as a function of 
frequency using data generated by (12). The model is solved using Abaqus/Standard. 

4.2. Results 

The vibration response of the plate is recorded over time (for 0.2 seconds), by comparing the 
displacements of the point where the unit force was previously applied, for both considered cases: damped 
and un-damped structure (Fig. 7). 

As it was expected, while the un-damped structure continuously oscillates, the displacement of the 
damped structure reduces with time until the structures reach the equilibrium state. The energy generated by 
the applied unit force is making the plate to oscillate but this energy is lost by intermolecular friction within 
the material structure. This observation corresponds to the real behavior of structures. 

 
Fig. 7 – Displacement vs. time caused by the unit force applied at t = 0. 

5. CONCLUSION 

A novel thermoplastic composite material – poly-ethylene terephthalate fiber reinforced poly-ethylene 
terephthalate (SrPET) – is analyzed in terms of damping characteristics. The values of the critical damping 
ratio are found experimentally in terms of frequency. An exponential function is found to best fit the 

F
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obtained set of experimental data. A numerical model is presented as a case study where dynamic 
simulations are carried out separately for damped and un-damped structure. The results demonstrate the 
important influence the damping properties have on the results within numerical dynamic analyses. 
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